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There is limited access to electricity in much of Southern Africa, yet this region 
receives some of the highest solar irradiation worldwide. Consequently, there 
is a huge potential for the deployment of concentrating solar power (CSP) 
distributed electricity generation systems. The application of gas turbines in 
central receiver CSP systems combines high concentration ratios of central re-
ceiver technology and the ability to scale in size, with inherent gas turbine 
advantages. This makes these systems ideal for distributed electricity gener-
ation applications. However, there are currently no commercial solar-hybrid 
gas turbine systems readily available off-the-shelf. Through both a theoretical 
and experimental approach, this study therefore aims to develop a micro gas 
turbine (MGT) system for central receiver CSP distributed electricity genera-
tion applications. The theoretical work involved modeling the performance of 
a MGT system under solar-hybrid operation, in order to predict the possible 
operating range and develop suitable operation and control strategies for the 
MGT system. The experimental work involved designing, building, testing 
and characterising the performance of an experimental MGT system and then 
using the obtained test data to validate the predicted performance, as well 
as assess the technical feasibility of adapting such a system to solar-hybrid 
operation. The component matching showed a shift of the equilibrium run-
ning point on the compressor characteristic, to counter the additional system 
pressure losses and ensure a useful work output, albeit with a reduced surge 
margin. Solar-hybrid operation was only possible for a solar share of at least 
20 %, while the work output and cycle thermal efficiency drop below standard 




a higher nominal work output of 20 kW, at a lower specific fuel consumption
of 0.0004 kg/kWh and a higher cycle thermal efficiency of 8 % was predicted,
the latter potentially increasing to 20 % with recuperation. Based on the
proposed control strategy of operating the MGT system at the determined
solar-hybrid equilibrium running point, sudden changes in solar irradiation
were corrected by altering the fuel flow. From the validation of the predicted
performance, the predicted MGT system equilibrium running point matched
the optimum experimental equilibrium running points, and a similar shift on
the compressor characteristic was predicted for varying levels of system pres-
sure losses. The use of turbocharger technology should allow for easy coupling
of the individual MGT system components, some of which could be specially
designed for solar-hybrid operation. The twin-shaft configuration allows for
flexibility in operation, with the added advantage of ease of starting. The
large swallowing capacity of the much bigger power turbine should further en-
sure that the MGT system is insensitive to load variation. The findings from
this study should guide operation and control strategies for the proposed, and
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Alhoewel Suider Afrika van die hoogste sonbestralingsvlakke ter wêreld het, is 
daar beperkte toegang tot elektrisiteit in die streek. Gevolglik is daar ’n bedui-
dende potensiaal vir die ontplooiing van gekonsentreerde sonkrag (CSP) ver-
spreide elektrisiteitsopwekking stelsels. Die gebruik van gasturbines in sentrale 
ontvanger CSP stelsels kombineer die hoë konsentrasievlakke van sentrale ont-
vanger tegnologie en die vermoë om te skaleer, met die inherente voordele van 
gasturbines. Dit maak hierdie stelsels ideaal vir verspreide elektrisiteitsopwek-
king toepassings. Daar is egter tans geen kommersiële van-die-rak son-hibriede 
gasturbine stelsels beskikbaar nie. Die studie poog om deur middel van beide 
’n teoretiese en eksperimentele benadering ’n mikrogasturbine (MGT) stelsel 
vir sentrale ontvanger CSP verspreide elektrisiteitsopwekkings toepassings te 
ontwikkel. Die teoretiese werk het die modellering van ’n MGT stelsel onder 
son-hibriede werking behels, ten einde die moontlike bedryfsgebied te voor-
spel en om gepaste bedryfs- en beheer strategieë vir die MGT te ontwikkel. 
Die eksperimentele werk het die ontwerp, bou, toets en karakterisering van 
’n eksperimentele MGT stelsel behels. Die toetsdata is gebruik om die voor-
spelde werksverrigting van die stelsel te valideer, sowel as om die tegniese 
haalbaarheid van die aanpassing van so ’n stelsel vir son-hibriede werking te 
bepaal. Die stelselbalansering vir son-hibriede toepassing het gewys dat die 
ekwilibrium werkspunt op die kompressor karakteristiek skuif, ten einde die 
addisionele stelsel verliese teen te werk, asook om steeds ’n bruikbare drywings-




werking was net moontlik vir ’n sonaandeel van ten minste 20 %, terwyl die
werksuitset en siklus termiese benuttingsgraad geval het tot onder standaard
bedryfsvlakke bokant ’n sekere sonaandeel. In vergelyking met standaard wer-
king van die MGT, is ’n hoër nominale drywingsuitset van 20 kW, teen ’n laer
spesifieke brandstofverbruik van 0.0004 kg/kWh en ’n hoër termiese benut-
tingsgraad van 8 % voorspel. Laasgenoemde kan potensieel tot 20 % verhoog
word met tussenverhitting (recuperation). Gebaseer op die voorgestelde be-
heer strategie om die MGT stelsel by die spesifieke son-hibriede ekwilibrium
werkspunt te bedryf, is daar vir skielike verandering in die sonbestraling gekor-
rigeer deur die brandstofvloei aan te pas. Uit die validasie van die voorspelde
werksverrigting is gevind dat die voorspelde MGT werkspunt ooreenstem met
die eksperimentele optimum eksperimentele ekwilibrium werkspunt en dat ’n
soortgelyke skuif in die kompressor karakteristiek voorspel is vir wisselende
vlakke van stelsel drukverlies. Die gebruik van bestaande turbo-aanjaer teg-
nologie behoort voorsiening te maak vir die vereenvoudigde koppeling van die
MGT stelsel komponente, waarvan sommige doelontwerp kan word vir son-
hibriede werking. Die dubbel-as konfigurasie lei tot buigbare stelselwerking,
asook die bykomende voordeel dat die stelsel maklik in werking gestel kan
word. Die groot vloeikapasiteit van die veel groter drywingsturbine behoort
ook te verseker dat die MGT stelsel onsensitief is vir lasvariasies. Die bevin-
dinge van hierdie studie sal as gids dien vir die opstel van bedryfs- en beheer
strategieë vir die voorgestelde en toekomstige son-hibriede MGT stelsels, wat
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g = 9.81 m/s2
Variables
A Area [m2]
b Bias uncertainty [%]
C Coefficient of discharge [-]
Cf Carbon content of propane by mass [kgC/kgC3H4]
cp Ideal-gas specific heat at constant pressure [J/kgK] or [J/kmolK]
D, d Diameter [mm]
ds Specific diameter [-]
E.C.V T Effective calorific value at a specified temperature [J/kg]
EOT Equation of time [minutes]
f Fuel/air ratio [-]
H Head [m], lower heating value [J/kg]
Hf Hydrogen content of propane by mass [kgH/kgC3H4]
h Enthalpy [J/kg] or [J/kmol]
h0 Sensible enthalpy of a reactant or product at the standard reference
state (25 ◦C and 1 atm) [J/kg]
h0f Enthalpy of formation of a reactant or product at the standard ref-
erence state (25 ◦C and 1 atm) [J/kg]
L Length [mm], Longitude [◦]
LC Longitude correction [hours]
LCT Local clock time [hours]
K Concordance factor [-]
ṁ Mass flow rate [kg/s]
M Molar mass [kg/kmol]





ns Specific speed [-]
nv Number of swirler vanes
P Pressure [Pa] or [bar]
p Precision uncertainty [%]
Q̇ Thermal energy transfer rate [W]
R Molar gas constant [J/kgK]
r Pressure ratio [-]
SFC Specific fuel consumption [kg/kWh]
s Entropy J/kgK, standard deviation
T Temperature [ ◦C] or [K]
ts Solar time [hours]
tv Swirler vane blade thickness [mm]
U, u Uncertainty [%]
V Velocity [m/s]
V̇ Volume flow rate [m3/s]
Ẇ Work transfer rate [W]
ẋ Molar mass flow rate of propane [kmol/s]
ẏ Molar mass flow rate of air [kmol/s]
Greek letters
α Solar altitude angle [radians]
β Diameter ratio, swirler vane angle [◦]
γ Specific heat ratio [-]
∆ Change in
δ Declination angle [radians]
ε Effectiveness [%]
ε Expansion factor [-]
η Efficiency [%]
θ Dome angle [◦], sensitivity coefficient [-]
θC Carbon theta function [-]
θH Hydrogen theta function [-]
θz Solar zenith angle [radians]
µ Dynamic viscosity [kg/ms]
ρ Density [kg/m3]
φ Equivalence ratio [-], latitude angle [radians]
ψ Divergence angle [◦]
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NOMENCLATURE xvii
ω Hour angle [radians]
Subscripts
0 Stagnation condition, reference value
1 Gas-generator compressor inlet
2 Gas-generator compressor outlet
3 Gas-generator turbine inlet
4 Gas-generator turbine outlet/power turbine inlet
5 Power turbine outlet
6 Solar receiver outlet
7 Low-pressure compressor inlet














































Re Reynolds number [-]
Abbreviations
AI/O Analog input/output
ASME American Society of Mechanical Engineers
abs Absolute
CAD Computer aided design
CFD Computational fluid dynamics
CSP Concentrating solar power
DAQ Data acquisition
DNI Direct normal irradiation
diff Differential
E+H Endress+Hauser
GUI Graphical user interface
HTF Heat transfer fluid
ID Inner diameter
I/O Input/output
ISO International Organization for Standardization
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LHV Lower heating value
LPG Liquefied petroleum gas
MGT Micro gas turbine
MTT Micro Turbine Technology
OEM Original equipment manufacturer
OD Outer diameter
SHMGT Solar-hybrid micro gas turbine
STERG Solar Thermal Energy Research Group
SUNSPOT Stellenbosch UNiversity Solar POwer Thermodynamic






Southern Africa is blessed with one of the best solar energy resources worldwide
(IEA, 2010); with many parts of the region receiving long term averaged annual
direct normal irradiation (DNI) in excess of 2000 kWh/m2 (see Figure 1.1).
However, much of Southern Africa has limited access to electricity, especially
dispersed and sparsely populated communities in remote rural areas (Merven
et al., 2010; SADC, 2010). There is a strong dependence on biomass resources
– mainly in the form of wood fuel – for cooking and heating purposes and
small diesel generator sets for electricity generation (IRENA, 2013a,b; SADC,
2010).




CHAPTER 1. INTRODUCTION 2
The excellent solar resource, coupled with the need to increase access to
electricity, makes the deployment of concentrating solar power (CSP) dis-
tributed electricity generation systems in Southern Africa an attractive propo-
sition (Gauché et al., 2014). CSP power generation technology, such as the
central receiver system, uses tracking solar collectors (mirrors) to concentrate
solar irradiation onto a single focal point. The solar irradiation heats a heat
transfer fluid (HTF), such as molten salt, which in today’s state-of-the-art CSP
plants is stored in tanks and used to generate steam. Similar to conventional
power plants, the steam drives a turbine-generator set, which in turn generates
electricity.
The ability to scale in size makes central receiver CSP generation systems
suitable for distributed electricity generation in remote rural areas (Grobbelaar
et al., 2014). In addition, central receiver systems offer the highest degree of lo-
calisation and cost reduction potential, given accelerated deployment (Gauché
et al., 2014; IRENA, 2013a, 2012; Kolb et al., 2011).
The variable nature of the solar resource necessitates the implementation
of either hybridisation or thermal energy storage, to ensure power production
whenever demand occurs. Hybridisation can be achieved through either com-
busting backup fuel or combining CSP plants with conventional power plants.
The backup fuel can include either renewable resources, such as biofuels and
biogas or fossil resources, such as natural gas and diesel. Adopting the solar-
hybrid concept offers a viable option for both a reduction in the over reliance on
fossil fuel energy resources and an avenue for the exploitation of the available
renewable solar energy resource.
Kröger (2012) proposed the Stellenbosch University Solar POwer Thermo-
dynamic (SUNSPOT) combined cycle plant concept (see Figure 1.2) – with a
topping solar-hybrid Brayton cycle and a bottoming steam Rankine cycle – as
an appropriate and efficient cycle for utility-scale electricity generation in ex-
cellent solar resource regions of Southern Africa. The SUNSPOT cycle is a key
focus technology of the Solar Thermal Energy Research Group (STERG), in
the Department of Mechanical and Mechatronic Engineering at Stellenbosch
University. The main target of the research group is to develop technology
that contributes towards the commercialisation of this cycle.
Research previously conducted on this cycle focused on the design, test
and validation of novel receiver concepts (Heller, 2017; Lubkoll, 2017), ther-
mal energy storage (Allen, 2014; Kotze, 2014), heliostat module development
and validation (Landman, 2017), system thermal and thermodynamic model-
ing and performance evaluation and enhancement of hybrid (wet/dry) cooling
systems (Louw, 2015; Owen, 2013). A few studies have also been conducted
on the solarization of an in-house Rover 1S/60 micro gas turbine (MGT) sys-
tem (Rover Gas Turbines Limited, 1967), with the focus on, firstly, converting
the MGT system from liquid to gaseous fuel operation (Marsh, 2019; Zhang,
2016), with the aim of switching to biogas operation in the future, and then,
investigating the potential for improving the performance of the MGT system,
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Figure 1.2: The SUNSPOT cycle (Kröger, 2012)
through redesigning system components (Schommarz, 2019; Luiten, 2015).
1.2 Research objective
The aim of this study is to develop a MGT system for central receiver CSP
distributed electricity generation applications in Southern Africa.
The research objective will be achieved through:
• Theoretically modeling the performance of a MGT system under solar-
hybrid operation, in order to predict the possible operating range, and
develop suitable operation and control strategies for the MGT system.
• Designing, building, testing and characterising the performance of the
MGT system, in order to validate its predicted performance.
• Assessing the technical feasibility of adapting such a system to solar-
hybrid operation.
1.3 Significance of the project
Currently, there are no commercial solar-hybrid gas turbine systems readily
available off-the-shelf. Several operational and control challenges still exist
and significant development effort is still required to provide technically proven
units. Gas turbine manufacturers are reluctant to develop these systems, given
the significant effort and time required, and the high costs involved.
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Through both a theoretical and experimental approach, this study will
develop a MGT system based on two commercially available turbocharger units
and a combustion chamber designed for turbocharger based MGT systems.
The use of turbocharger technology allows for easy coupling of the individual
MGT system components, which should ensure low turbomachinery cost and
a simple and modular design. The simple and modular design should allow
for easy scaling in size, which should make the MGT system suitable for solar-
hybrid distributed electricity generation applications in Southern Africa.
1.4 Dissertation layout
This study mainly consisted of two parts; the theoretical modeling work and
the design and experimental work. The dissertation is structured accordingly.
The available literature on the demonstrated solar-hybrid gas turbine sys-
tems is discussed in Chapter 2. In addition, a case study of a MGT system
successfully developed from off-the-shelf turbocharger components is given.
The theoretical modeling work is covered in Chapter 3. The modeling ap-
proach taken is discussed, including how the solar resource was modeled, and
how the matching of the individual MGT system components was performed,
using individual MGT system component models and performance characteris-
tics found in literature. Discussions of how the fuel mass flow rate required for
solar-hybrid operation was determined, and how the variation in the working
fluid properties throughout the cycle was modeled are also given. In addition,
the potential for improving the cycle thermal efficiency through adding recu-
peration, and the approach taken in modeling the transient response of the
MGT system to sudden changes in solar irradiation are covered. The chapter
concludes with a summary of the findings from the modeling work.
The project design and experimental work is discussed in Chapter 4. The
set up of the experimental MGT system test bench is described, including the
specifications of the instrumentation used on the test bench. The project de-
sign work included the design and manufacture of a tubular type combustion
chamber. The design process for the combustion chamber, and the obtained
design parameters are also presented. The experimental procedure followed,
the measured parameters, and the performance parameters calculated from
these measurements, as well as the uncertainty associated with both the mea-
sured and the calculated parameters are all discussed. The performance of
the experimental MGT system is presented, in addition to the validation of
the predicted performance. The chapter concludes with a discussion on the
technical feasibility of adapting the developed experimental MGT system to
solar-hybrid operation.
The key findings from both the theoretical and the experimental work
are summarised in Chapter 5. A brief discussion of how far the developed
experimental MGT system is from being ready for solar-hybrid operation is also
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given, and recommendations for future work, to bring the system to commercial
operation are suggested.
The calibration procedures for the instrumentation used on the experimen-
tal MGT system test bench are presented in Appendix A, while the developed
data acquisition system GUI is added in Appendix B. Finally, the tabulated
data obtained from both the modeling and the experimental work, the esti-
mation of the uncertainty bounds in the measured and calculated parameters,
and a sample calculation of the MGT system performance parameters are pre-




This chapter reviews the available literature on the adaptation of gas turbine
systems to solar-hybrid operation, with the focus on demonstrated plants.
Brief discussions of studies that investigated turbocharger based solar MGT
systems, and the transient behaviour of solar-hybrid gas turbine systems are
given. A case study of a MGT system successfully developed from off-the-
shelf turbocharger components is also provided. The chapter concludes with
the identified research gaps that this study aims to address.
2.1 Solar-hybrid gas turbine systems
Current state-of-the-art central receiver CSP plants are based on steam turbine
(Rankine cycle) technology (NREL, 2017), and only a few gas turbine (Brayton
cycle) technology based plants have been demonstrated (European Commis-
sion, 2011, 2005; Korzynietz et al., 2012). Gas turbine based central receiver
CSP plants combine high concentration ratios of central receiver technology –
and the resultant high receiver outlet temperatures – with typical gas turbine
characteristics, such as quick start-ups, high power-to-weight ratio and multi-
ple fuel applications (Boyce, 2012), to ensure both highly flexible and highly
efficient power generation. In addition, a gas turbine is a low-water-usage
technology – since there is no requirement for cooling water (Saravanamuttoo
et al., 2009) – and this makes it suitable for application in the arid and wa-
ter scarce excellent solar resource region in Southern Africa. The use of gas
turbine technology also allows implementation of hybridisation, in the form of
combusting backup fuel, which ensures power production whenever demand
occurs.
Several studies have been performed on solar-hybrid gas turbine systems.
Most of these studies mainly focused on the solar components, with little or no
focus on the gas turbine systems (Korzynietz et al., 2012, 2016; Spelling et al.,
2012). Consequently, only a few solar-hybrid gas turbine systems have been
demonstrated, with the usual approach involving selecting a gas turbine in
6
Stellenbosch University https://scholar.sun.ac.za
CHAPTER 2. LITERATURE REVIEW 7
the desired power range and (physically) adapting it to solar operation (Aich-
mayer et al., 2013; Spelling et al., 2012). Challenges encountered in adapting
gas turbines to solar operation included integrating the solar receiver and the
externally heated air into the gas turbine systems, implementing a control sys-
tem to switch gas turbine operation modes and also control any additional
safety functions and devices and, modifying the combustion chamber to al-
low continuous operation at elevated inlet air temperatures and over a wide
range of fuel/air ratios (Buck et al., 2016; Fisher et al., 2004; Ring et al., 2004;
Roberts, 1979; Sinai et al., 2005).
Some of the earliest gas turbine focused solar-hybrid gas turbine system re-
search work involved a study performed by Solar Turbines International (STI),
and funded by the Electric Power Research Institute (EPRI) (Roberts, 1979).
The aim of this study was to investigate the modifications required to adapt
a commercially available STI Centaur recuperative gas turbine-generator set
to solar-hybrid operation, with the two identified key technology gaps being
in the fields of combustion and engine control. The standard STI Centaur
recuperative gas turbine is a twin-shaft engine that operates on natural gas.
The study assessed the characteristics of both a parallel and series ar-
rangement for the combustion chamber with the solar receiver. The parallel
arrangement would necessitate the use of a modulating control valve upstream
of both the solar receiver and the combustion chamber, either to isolate the
solar receiver during the starting of the engine, and ensure that all the air flow
passes through the combustion chamber or to isolate the combustion chamber
during solar-only operation, and ensure that all the air flow passes through
the solar receiver. This would in turn ensure that the combustion chamber
does not impose a parasitic pressure loss on the cycle, when it is not in use.
The control valves would also have to be programmed to maintain the desired
maximum receiver outlet temperature, during solar-hybrid operation. A par-
allel arrangement would also result in the control valves and the combustion
chamber being exposed to the normally encountered pressure and temperature
conditions, implying that a combustion chamber similar to the standard pro-
duction unit could be employed, with the only difference being that the new
combustion chamber unit would employ both fuel staging – a strategy com-
monly used to tackle combustion instabilities in gas turbine engines, through
varying the fuel mass flow rate to the different nozzles of a multiple nozzle
combustion chamber – and some form of variable geometry in order to widen
its fuel/air ratio operating range.
On the other hand, a simple series arrangement would avoid the complex-
ity of using several control valves, but would impose a combustion chamber
parasitic pressure loss on the cycle during solar-only operation. However, if the
combustion chamber were to be isolated using control valves during solar-only
operation, the employed control valves would then be exposed to the elevated
receiver outlet temperature. This would therefore necessitate using low pres-
sure drop and high temperature valves. The combustion chamber would also
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be exposed to significantly higher inlet temperatures than normally encoun-
tered. Elevated inlet temperatures improve combustion chamber performance
in terms of combustion efficiency, lean limit and smoke but may also result in
ineffective liner wall cooling and fuel injector gumming.
After comparing the characteristics of either solar receiver-combustion cham-
ber arrangement, a liquid fuel combustion system in parallel with the solar
receiver was selected, mainly because it was considered to require the least
development effort, given a combustion chamber similar to the standard unit
could be employed. The study further recommended installing a flow dump
valve between the solar receiver-combustion chamber and the turbine inlet for
emergency engine over speed protection, in case of a sudden loss of electrical
load and further proposed making use of a microprocessor-based electronic con-
trol system for start-up and shut-down scheduling, load control and emergency
protection.
The European Commission (EC) previously funded three solar-hybrid gas
turbine demonstration projects; SOLar hybrid GAs Turbine Electric (SOL-
GATE) power system, SOLar-HYbrid power and COgeneration (SOLHYCO)
plants and SOLar Up-scale GAs turbine System (SOLUGAS). The overall ob-
jective of these projects was to demonstrate the technical feasibility and cost
reduction potential of solar-hybrid gas turbine systems, with the focus on im-
provement in receiver design and performance (European Commission, 2011,
2005; Korzynietz et al., 2012).
The SOLGATE project was the first EC funded solar-hybrid gas turbine
demonstration project, and its main goal was to prove the technical feasibility
of a solar-hybrid gas turbine power system and verify the electricity cost re-
duction potential of such a system (European Commission, 2005). The system
was installed in the CESA-1 tower facility at the Plataforma Solar de Almería
(PSA) in Spain, and consisted of a cluster of three receiver modules – low
temperature (LT), medium temperature (MT) and high temperature (HT) –
connected in series and a micro gas turbine based on a modified Allison Model
250 helicopter turboshaft engine. This engine has a twin-spool, twin-shaft
configuration, and has a rated maximum continuous power output of 270 hp,
at an output shaft rotational speed of 6016 rpm.
The modifications to the helicopter engine were performed by ORMAT,
with the developed gas turbine then aptly named ORMAT Solar Turbine 3
(OST3). Similar to the work of Roberts, the modification focused on the
engine’s combustion and control systems. Modifications to the engine’s com-
bustion system included addition of an external combustion chamber, manu-
factured from a nickel based super alloy and capable of operating at elevated
inlet air temperatures of up to 800 ◦C. The elevated combustion chamber inlet
air temperature necessitated making additional provision for supplying cooling
air to the gas turbine bearings. To accomplish this, two pipes bypassing the
solar receivers were added to supply cooling air directly from the compressor,
and a special air seal was added, to prevent hot air from the receivers from
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Figure 2.1: OST3 micro-gas turbine (European Commission, 2005)
entering the gas turbine bearings. A new fuel injector and a new ignition
system were also installed, to allow continuous operation at elevated tempera-
tures and over a wide range of fuel/air ratios. An electronic fuel shut off valve
and a digital fuel metering valve - the latter with a provision for returning
most of the fuel back to the fuel pump during periods of high solar shares -
were also added. The modifications to the control system included implemen-
tation of new control logic and coefficients, with the capability to switch gas
turbine operation modes and also control any additional safety functions and
devices. The modified engine was further coupled to a 250 kWe electric gen-
erator through a gearbox, and a more powerful starter unit was also installed
(see Figure 2.1).
Experimental tests were performed in two phases; phase 1 tests were to
demonstrate the operational capability of the gas turbine together with the
three receiver modules to reach the design point receiver cluster outlet tem-
perature of 800 ◦C, while the main objective of the phase 2 tests was to increase
the receiver cluster outlet temperature to 1000 ◦C.
Phase 1 tests achieved the design operation conditions of 800 ◦C for three
test days and test data obtained for one of the days showed that for a DNI
value of 900 W/m2 and a solar field consisting of 55 focused heliostats, air
temperatures in the receiver modules increased from about 300 ◦C at the LT-
module inlet, to about 800 ◦C at the HT-module outlet, at an absolute air
pressure of 6.5 bar and a pressure drop of 120 mbar across the receiver cluster.
The solar share was about 60 %, corresponding to 650 kWt solar thermal
energy output from the receivers. A total of 73 hours of gas turbine operation
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time were accumulated throughout the phase 1 tests – 51 of them under solar
operation – and a net electricity output of 227 kWe, at a net simple cycle
efficiency of 18.2 % was realised.
Phase 2 tests achieved a HT-module receiver outlet air temperature of
about 960 ◦C, and not the required 1000 ◦C. Obtained test data showed that for
a DNI value of 770 W/m2 and a solar field consisting of 45 focused heliostats,
air temperatures in the receiver modules increased from about 300 ◦C at the
LT-module inlet, to about 960 ◦C at the HT-module outlet, at an absolute air
pressure of 5.5 bar and a pressure drop of 120 mbar across the receiver cluster.
The solar share was about 70 %, corresponding to a 700 kWt solar thermal
energy output from the receivers.
An unsuccessful emergency shutdown resulted in damage to the turbine,
and this cut short the phase 2 tests. A total of 611/2 hours of gas turbine
operation time were accumulated during the phase 2 tests – 451/2 of them
under solar operation – and an electricity output of 170 kWe, at a simple cycle
efficiency of 18 % was realized (European Commission, 2005; Fisher et al.,
2004; Ring et al., 2004; Sinai et al., 2005; Heller et al., 2006).
The SOLHYCO project followed the SOLGATE project and the main ob-
jective of this project was to develop and test a highly efficient, reliable and
economic solar-hybrid co-generation system based on a 100 kWe MGT system,
with a capacity to operate in parallel on varying contributions of solar power
input and fuel. The main project objective was to be achieved through first
illustrating the use of bio-diesel for co-firing purposes, thus ensuring 100 % re-
newable operation, and then modifying a commercially available Turbec T100
Microturbine for solar-hybrid co-generation application. This MGT system
normally operates on natural gas, in combined heat and power (CHP) appli-
cations. The bio-diesel solar-hybrid tests employed the SOLGATE project test
set up, with the MGT system that originally used kerosene as backup fuel now
adapted to bio-diesel operation, and only using kerosene for start-up.
The adaptation of the MGT system to bio-diesel operation was reported
to entail only slight modifications, such as adapting the control system to the
slightly increased fuel flow – as a result of the lower calorific value of the bio-
diesel – and replacing the valve and filter seals with those suitable for bio-diesel
operation.
Unidentified technical problems with the MGT system during the initial
bio-diesel operation cut short the tests, and a total of 100 hours of gas turbine
operation – 57 under solar operation – were accumulated, and a maximum
electricity output of 160 kWe was realised.
The solar-hybrid MGT system co-generation operation employed the Turbec
T100 Microturbine because it made provision for attaching both an external
combustion chamber and an external flow path connecting the receiver to
the combustion chamber. Other modifications to the standard MGT system
included adapting it to diesel operation, increasing the turbine inlet tempera-
ture from 600 ◦C to 800 ◦C and fitting a second parallel combustion chamber
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to make provision for two parallel heat sources. New control logic was also
implemented, to control the two parallel heat sources.
Several challenges were faced during the tests with the modified Turbec
T100 Microturbine, including difficulty controlling the heat supplied by the two
parallel heat sources (solar plant and the combustion chamber), an inability
to handle the high turbine inlet air temperatures, receiver cavity defects and
unsatisfactory combustion during the micro gas turbine start-up. A maximum
electrical power output of 70 kWe, at a solarised turbine efficiency of about
24.9 % was realised during the co-generation tests, and a total of 165 hours of
gas turbine operation were accumulated – 100 under solar operation, including
2 hours of the first ever solar-only micro-gas turbine operation (European
Commission, 2011).
The SOLUGAS project was started in November, 2008 and commissioned
in May, 2012 at the Abengoa Solar Solúcar Platform in Seville, Spain. Through
the coordination of Abengoa Solar, and with the support of an international
consortium comprising of the German Aerospace Center (Deutsches Zentrum
für Luft-und Raumfahrt, DLR), Turbomach (a subsidiary company of Solar
Turbines Incorporated), Kelvion Sp. z o.o. (former GEA Technika Cieplna Sp.
z o.o.) and New Energy for Algeria (NEAL), the project’s main objective was
to demonstrate the performance and cost reduction potential of a solar-hybrid
gas turbine system on a pre-commercial scale, through building on the research
experience in receiver design and development gained through the preceding
SOLGATE and SOLHYCO projects (Korzynietz et al., 2012).
SOLUGAS was the first demonstration project at megawatt scale, and
the project adapted Solar Turbines Incorporated’s MercuryTM50 recuperated
gas turbine, which has a nominal electrical power rating of 4.6 MWe, at an
engine efficiency of 38.5 %. Modifications to the standard gas turbine unit
were performed by Turbomach and focused on the engine air flow path and
investigating combustion chamber operation at higher temperatures.
The gas turbine modifications included replacing the recuperator with the
solar receiver, with the connection between the receiver outlet and combustion
chamber inlet achieved using internally insulated piping, so as to reduce ther-
mal expansion. Piping bypassing the solar receiver, complete with controllable
valves was also fitted, firstly, to regulate the air mass flow and temperature
upstream of the combustion chamber, and secondly, to allow pressurised air
flow direct from the compressor to the combustion chamber, so the gas tur-
bine could be operated in the conventional mode with one heat source, during
periods of low or no solar insolation. The adapted gas turbine was reported to
show stable operation and a good ramp up behaviour during solar operation
and an electrical output of 4 MWe was realized. Over 1000 gas turbine oper-
ation hours were accumulated over a period of 18 months (Korzynietz et al.,
2016, 2012; Quero et al., 2013).
Despite the reported successful solar operation of the MercuryTM50 gas
turbine system during the SOLUGAS project, there are no reported follow
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up solar-hybrid gas turbine systems developed, drawing upon this project’s
success.
More recently, the EC funded the Optimised Micro turbine Solar Power
(OMSoP) CSP demonstration project. The MGT system was intended to be
of a modular design, with the capability of producing 3 to 10 kW of electricity.
This demonstration project began in 2013, with a consortium of 8 partner
organisations from 5 European countries, and a total budget of AC5.8 million.
The solar power system was based on parabolic dish concentrator technology,
but with the Stirling engine replaced with a MGT system designed by the
City University of London. The project concluded in 2017. Experimental tests
showed overheating of the MGT system bearings, which limited the turbine
inlet temperature (TIT) to a maximum of 270 ◦C, well below the design point
value of 800 ◦C. Consequently, a useful work output of only 0.9 kW was realised
from the experimental tests (City University of London, 2018).
The latest solar-hybrid gas turbine system referenced in literature is AORA
Solar’s TulipTM co-generation system (Aichmayer et al., 2013; Spelling et al.,
2012; Buck et al., 2016), with a rated electrical and thermal power output of
100 kWe and 170 kWt, respectively. This system is installed at two research
and development sites; Kibbutz Samar, in Israel and Plataforma Solar de
Almería, in Spain, with the former commissioned in 2009, while the latter was
commissioned in 2012 (AORA Solar, 2015). However, there is no published
literature readily available on the performance of these two demonstration
plants.
At Stellenbosch University, research on the solarization of MGT systems is
conducted in the context of the SUNSPOT cycle, as part of a concerted effort
to develop technology that can lead to the commercialisation of this cycle.
Previous studies all focused on the solarization of an in-house Rover 1S/60
MGT system (see Figure 2.2). The Rover engine was developed in the 1950’s,
and is a single-shaft industrial gas turbine system, with a rated maximum
continuous power output of 45 kW, at a rotational speed of 46 000 rpm (Rover
Gas Turbines Limited, 1967).
Luiten (2015) evaluated the performance of the original centrifugal com-
pressor, using both computational fluid dynamics (CFD) and experimental
approaches. To counter the pressure losses expected to be introduced by the
addition of a solar receiver, Luiten designed a new centrifugal compressor for
maximum total-to-static pressure ratio. The new design was predicted to
increase the compressor total-to-static pressure ratio from 2.5 to 3.3, corre-
sponding to an increase in total-to-static isentropic efficiency of 21.8 %.
Homann (2015) investigated the effect of solar-hybridization on the perfor-
mance of the Rover MGT system, with the solar thermal energy input modeled
as an incremental 0 to 200 kW thermal energy input. Homann further modeled
the effect of the new compressor designed by Luiten on the performance of the
MGT system under both standard and solar-hybrid operation, and predicted
an improvement in the performance of the MGT system in both operation
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(a) Front right view (b) Rear left view
Figure 2.2: Rover 1S/60 MGT system test bench (Luiten, 2015)
modes. Homann also investigated a new air flow path for the Rover MGT
system under solar-hybrid operation, as well as the potential to commercialize
solar-hybrid gas turbine systems.
Zhang (2016) aimed to convert the MGT system from kerosene to liquefied
petroleum gas (LPG) operation. Zhang replaced the original fuel system, and
successfully ran the MGT system on LPG, albeit at a lower rotational speed
than that observed when running on kerosene.
As a continuation of Zhang’s work, Marsh (2019) sought to improve on
the performance of the MGT system, and possibly match that observed for
kerosene. Marsh improved the fuel control system, and successfully ran the
MGT system on propane at full speed and 77 % of rated power, closely match-
ing the performance observed for kerosene. Marsh further proposed a general
method for converting a gas turbine from liquid to gaseous fuel operation.
More recently, Schommarz (2019) performed both CFD and finite element
analyses on the centrifugal compressor designed by Luiten. After verifying
the predicted increase in total-to-static pressure ratio, as well as proving its
structural integrity under expected gas turbine operating conditions, Schom-
marz manufactured the new compressor. However, this compressor is yet to
be fitted into the Rover gas turbine and tested.
Turbocharger based solar MGT systems
The development of turbocharger based solar MGT systems has in the past
been proposed by studies such as Gallup and Kesseli (1994) and Kesseli and
Wells (1989), and more recently, le Roux et al. (2011a,b, 2012) and le Roux
and Meyer (2016), mainly for solar-only parabolic dish Brayton cycle applica-
tions. Gallup and Kesseli and Kesseli and Wells proposed a 30 kWe twin shaft
parabolic dish/Brayton solar MGT system based on the then commercially
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available Schwitzer Inc. turbocharger units, as an alternative to parabolic
dish/Stirling engine solar systems. The use of turbocharger technology was
to ensure low cost and high reliability of the turbomachinery. However, the
proposed parabolic dish/Brayton solar MGT system was never commissioned.
le Roux et al. (2011a,b, 2012) and le Roux and Meyer (2016) modeled the
micro-turbine of their small-scale dish-mounted solar thermal Brayton cycle
system based on off-the-shelf Garrett turbochargers. Their work focused on the
use of the method of total entropy generation minimisation to optimise system
components, such as the solar receiver and the recuperator, for maximum net
work output. The goal is to eventually develop an experimental test set up at
the University of Pretoria.
Transient behaviour of solar-hybrid gas turbine systems
In contrast to the few demonstrated plants, several thermodynamic studies
have been performed on solar-hybrid gas turbine systems. The majority of
these studies investigated the steady-state operation of the gas turbine systems,
and only a few considered the transient behaviour of the systems.
Some of the most recent studies performed on the transient behaviour of
solar-hybrid gas turbine systems include Felsmann et al. (2014, 2015) and
Kathirgamanathan and Axelsson (2018). Felsmann et al. (2014) investigated
the effect of both rapid and slow increase/decrease in solar thermal energy
input on the dynamic behaviour of the 12 MW THM 1304-12 MAN Diesel
& Turbo SE gas turbine, with the variable solar energy resource simulated
by both a fast and a gradual increase/decrease of a 0 to 29 MW thermal
energy input. As a continuation of the initial study, Felsmann et al. (2015)
investigated the effect of fast load changes in the network and generator load
rejection on the transient behaviour of the same gas turbine system.
Kathirgamanathan and Axelsson focused on the effect of thermal inertia
and additional pressurised air volume on the rotor over-speed of the 1.85 MW
OP16 gas turbine system integrated in a hybrid solar thermal power plant,
during load shedding and emergency shut downs. As possible safety measures,
these studies all proposed a combination of fast acting flow control valves – air
flow control valves, to re-direct the air flow, and allow the switch from solar to
non-solar gas turbine operation mode, and fuel control valves, to either regulate
or cut-off the fuel supply – and a blow-off valve – to vent the solar heated air.
Other safety measures proposed in literature include the use of mechanical
brakes and shunt resistors loading the generator (Buck et al., 2016).
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2.2 Application of a turbocharger as a MGT
system
According to Visser et al. (2011), the emergence of MGT system applications
for both power and thrust generation, especially for levels below 100 kW, has
led to various futile attempts at developing MGT systems with efficiency and
reliability levels as high as those of larger gas turbines. Challenges to the
development of these MGT systems include technical limitations arising from
their small size, and the costs involved in the development of highly efficient
MGT systems optimized for a particular cycle.
In terms of cost, off-the-shelf turbochargers offer a viable option for ap-
plication as MGT systems, as they are a mass product of the automotive
industry. Also, the performance and efficiency of modern small turbochargers
have greatly improved, making them suitable for Brayton cycle applications.
In addition, efficient high-speed electric generators are now more accessible, at
relatively affordable prices.
To reduce costs, Visser et al developed a 3 kW recuperated MGT system for
CHP applications in large households and truck auxiliary power unit (APU)
heating systems, based on off-the shelf turbocharger technology. Development
work started in 2008, and their first prototype, also referred to as ‘Mk4’, was
developed as a proof of concept. It combined off-the-shelf turbocharger com-
ponents with components built in-house at Micro Turbine Technology MTT
b.v. The off-the-shelf turbocharger components included the compressor, tur-
bine and bearings, while the in-house built components included the radial
permanent-magnet type generator, turbine shaft coupling, recuperator and
combustion chamber.
Through the assessment of component performance maps found in liter-
ature, and performing component matching, a suitable turbocharger turbine
and compressor were selected. To ensure minimal modification work, the cho-
sen turbine and compressor were fitted to the same shaft and bearing unit.
Using a special coupling, an electric generator was fitted to the same shaft,
with the generator speed controller then used to control the shaft speed. A
combustion chamber was designed based on a single-can layout, and had to
cover both recuperated cycle and simple cycle thermal conditions, at a maxi-
mum operation pressure of 3 bar and a maximum permissible pressure loss of
2%. The recuperator selection was guided by the requirement to meet ther-
mal efficiency targets and low permissible pressure losses. The other factor
considered was material constraints, owing to the expected high recuperator
gas-side inlet temperature of up to 750 ◦C. A primary-surface stainless steel
recuperator, with 100 hours of projected test life, was selected and fitted onto
the Mk4 MGT system.
The tests to prove the operational capability of the MTT MGT system
were performed in three phases, with the final objective being to obtain elec-
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Figure 2.3: MTT MGT system test
rig (Visser et al., 2011)
Figure 2.4: Mk5 MGT system
(Visser et al., 2012)
trical power output of 3 kWe, at a cycle efficiency of 16 %. The three phases
of tests were: gas generator tests, simple cycle turboshaft tests and recuper-
ated turboshaft tests. A test rig that could measure different parameters like
pressure, temperature, air and fuel mass flow rate, rotational speed, exhaust
gas composition and power output was developed (see Figure 2.3). The per-
formance of the MTT MGT system was then determined through analysing
the obtained test data. In addition, an energy balance was performed, in order
to determine the system losses.
The gas generator tests were performed as a proof of concept, and in-
cluded a validation of the predicted model performance, as well as component
matching. The simple cycle turboshaft tests were used to develop an opti-
mal turbine-generator configuration. The recuperated turboshaft tests were
performed in order to validate the recuperated cycle model predictions and
recuperator design, with the objective being to obtain a cycle efficiency of at
least 12 %.
From the gas generator tests, the equivalent power at almost international
standard ambient (ISA) conditions of 1011 mbar and 294 K was 3.25 kW, at
a thermal efficiency of 6.34 %. This was measured at a nominal rotational
speed of 240 000 rpm, and a calculated adiabatic turbine inlet temperature of
1369 K. These results corresponded with the model predictions obtained from
the gas turbine simulation program (GSP). In the simple cycle tests, the tur-
bine was coupled to the electric generator using different coupling techniques,
and the optimal coupling configuration was obtained. At a rotational speed of
218 000 rpm, an electrical power output of about 2.8 kWe (ISA corrected) was
measured, at an electric efficiency of 6.28 %.
Finally, in the recuperated cycle turboshaft tests, a 2.7 kWe , at a 12.2 %
(ISA corrected) cycle efficiency, for a rotational speed of 240 000 rpm, was
obtained, using a custom designed recuperator with an 85 % effectiveness and
less than 4 % pressure loss. The test analysis with GSP showed a compressor
isentropic efficiency of 73.8 % and a turbine efficiency of 67 %.
The obtained results proved the technical feasibility of using a turbocharger
as a recuperated MGT system, for micro CHP applications. Future develop-
ment work would aim to improve the cycle efficiency levels to almost 20 %,
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through improving individual component efficiencies.
Following the proof of concept, Visser et al. (2012) embarked on optimizing
the performance of individual components of the developed MGT system, with
the focus on achieving 3 kWe electrical power output, at a cycle efficiency of
16.5 %. An experimental MGT system with a different rotor configuration,
and components with improved performance was developed. This MGT system
was referred to as ‘Mk5’ (see Figure 2.4).
Using information from original equipment manufacturers (OEM)s, com-
ponent models and engineering judgement, the potential for improving the
performance of the individual components was investigated. Some of the indi-
vidual components considered included: the compressor, turbine, combustor,
recuperator and fuel compressor. The effect of heat losses from the hot parts
of the gas turbine on the overall cycle efficiency was also assessed.
For the compressor, the pressure ratio – at the nominal rotational speed
of 240 000 rpm and turbine inlet temperature of about 1300 K – needed to
be increased to the optimal value of 3, and if possible up to a value of 3.4, in
order to maximise the power output. The pressure ratio was increased through
increasing the impeller blade tip diameter, with both experimental and CFD
analysis used to assess the effect of increase in tip diameter on the performance.
For the Mk5 MGT system, a more advanced turbine was fitted (with isen-
tropic efficiency of up to 70 %) compared to that which was available to the
Mk4 MGT system. The high efficiency was obtained through optimising the
scroll design and doing away with the waste gate.
The Mk5 combustor was developed based on the ‘classic’ combustor con-
cept, following design guidelines given by Lefebvre and Ballal (2010) and Mellor
(1990). This design ensured combustion completeness greater than 0.995 and
pressure loss of less than 1.5 %. Operation issues with this design included high
NOx emission, insufficient flame stability and overheating. Therefore, work on
improving the performance of the combustor was considered incomplete.
The Mk5 recuperator was based on an all-625 cube shaped plate-pin de-
sign. This replaced the all-primary surface stainless steel Mk4 recuperator.
The Mk5 recuperator had a lower installed hydraulic resistance, a cycle ref-
erence point combined relative pressure loss of (2.05 + 2.50 %) and a high
effectiveness, ranging from 88 to 91 %, in comparison to the Mk4 recupera-
tor. The recuperator insulation was also improved by using inorganic silicate
insulation boards, with low thermal conductivity.
The fuel compressor was the final component worked on. It was an off-the-
shelf wobble piston type, that satisfied performance and low cost requirements.
Adaptation included modification of the bearing seals, to reduce friction.
Analysis of the test results showed that the improvement in the perfor-
mance of individual components led to an increase in the cycle efficiency, from
12.2 % to 17.2 %, at an electrical power output of 3.4 kWe. Further improve-
ment in the cycle efficiency could be achieved through improving the turbine
efficiency and reducing losses in the auxiliary components.
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2.3 Conclusion
Despite the several studies performed on solar-hybrid gas turbine systems, only
a handful of projects have been demonstrated. Currently, there are no com-
mercial solar-hybrid gas turbine systems readily available off-the-shelf. Several
operational and control challenges still exist and significant development ef-
fort is still required to provide technically proven units. However, there is
a reluctance from gas turbine manufacturers to develop these systems, given
the significant effort and time required, and the high costs involved (Augusto,
2018).
Notably, the available literature does not consider the effect of variable so-
lar thermal energy input on the complete operating range of speed and power
output of the adapted gas turbine systems. In addition, the available literature
does not specify at what levels of solar share is solar-hybrid operation not pos-
sible or suitable, to dictate when to switch from solar to non-solar (standard)
gas turbine operation mode. Furthermore, very little attention is paid to the
transient behaviour of MGT systems under solar-hybrid operation. The work
presented in this study therefore aims to contribute to addressing these gaps
in knowledge.
Studies such as Visser et al. (2011) and Visser et al. (2012) demonstrate
the technical feasibility of developing MGT systems based on off-the-shelf tur-
bocharger technology. Turbochargers are readily available, given they are a
mass product of the automotive industry. The performance and efficiency
of modern turbochargers have greatly improved, making them suitable for
Brayton cycle MGT system applications. The use of turbocharger technology
allows for easy coupling of the individual MGT system components, some of
which could be specially designed for solar-hybrid operation. Therefore, the
integration of the solar receiver and the externally heated air into the gas tur-
bine systems should be achievable with minimal complications. In contrast,
most conventional gas turbine systems are highly compact, and may require




A mathematical model to predict both the steady-state and the transient
performance of the MGT system under solar-hybrid operation was created
in MATLAB R2017a. The modeling of the steady-state performance of the
MGT system was done to, firstly, predict the possible operating range and de-
termine an equilibrium running point for the MGT system under solar-hybrid
operation, secondly, predict the nominal rating for the proposed solar-hybrid
MGT system, when operating at the determined equilibrium running point,
and lastly, predict the effect of the variable solar energy resource and ambi-
ent conditions on typical gas turbine performance parameters. The transient
modeling was performed in order to predict the transient response of the MGT
system to sudden changes in solar irradiation/solar thermal energy input.
3.1 Modeling procedure
The modeling used meteorological data for four arbitrarily selected solar days,
one for each of the four climatic seasons experienced in Southern Africa. Mod-
eling of the steady-state performance of the MGT system under solar-hybrid
operation used hourly averaged meteorological data for a winter day (04 Au-
gust, 2016) and a summer day (04 January, 2017). On the other hand, model-
ing of the transient behaviour of the MGT system under solar-hybrid operation
used minute averaged meteorological data. The minute averaged data corre-
sponded to the shortest time step data available. In addition to the two solar
days considered for the steady-state performance, modeling of the transient be-
haviour of the MGT system also considered an autumn day (01 April, 2017),
and a spring day (01 October, 2017). The two additional days’ data allowed
investigating the transient behaviour of the MGT system at intermediate solar
thermal energy levels.
Firstly, the solar resource was modeled, in order to estimate the available
solar thermal energy, and then, using component models and actual perfor-
mance characteristics of the individual MGT system components, the matching
19
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of the individual MGT system components was performed, over the complete
operating range of speed and power output of the MGT system. From the
matching of the individual MGT system components, the equilibrium running
(operating) points for the MGT system under both standard and solar-hybrid
operation were obtained.
Solar-hybrid operation requires the combustion of backup fuel, in order to
raise the temperature of the pressurised air stream to the desired equilibrium
running gas-generator TIT. To determine the required fuel mass flow rate, an
analysis of the chemical reaction that takes place in the combustion chamber
during solar-hybrid operation was performed. The variation in the working
fluid properties, due to changing conditions throughout the cycle, was also
modeled.
It is desirable for hybrid CSP systems to operate at the maximum solar
share possible, in order to minimise fuel consumption. High solar resource
regions generally experience high ambient temperatures, and may also be lo-
cated at altitude, thus experiencing low ambient pressures. The steady-state
performance of the MGT system under solar-hybrid operation was therefore
analysed through studying the effect of increasing solar share and changing am-
bient conditions on typical gas turbine performance parameters, such as the
gas-generator TIT, specific fuel consumption, useful work output and cycle
thermal efficiency, when operating at the determined solar-hybrid equilibrium
running point, during hours of sufficient solar irradiation.
The potential for improving the cycle thermal efficiency of the solar-hybrid
MGT system, through adding recuperation, was also considered. The modeling
of the recuperation followed a simplified approach that required no knowledge
of the geometry of the recuperator.
The transient performance of the MGT system under solar-hybrid opera-
tion was analysed through studying the effect of sudden changes in the solar
thermal energy input on transient gas turbine performance parameters, such as
the gas-generator rotational speed and TIT. The fuel mass flow rate needed to
either accelerate or decelerate the solar-hybrid MGT system, in order to main-
tain it operating at the determined solar-hybrid equilibrium running point,
and the resultant MGT system useful work output were also determined.
The predicted performance of the MGT system was theoretically validated
through analysing the effects of high and low ambient temperatures and pres-
sures on the performance of the MGT system under standard operation, over
the course of a cold (winter) and a warm (summer) day. The predicted be-
haviour of the MGT system was compared to that expected of a conventional
gas turbine operating under similar conditions.
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Figure 3.1: Schematic layout of a central receiver solar-hybrid twin-shaft MGT
system
3.2 System configuration and components
The solar-hybrid MGT system was modeled based on an open-cycle twin-
shaft engine (see Figure 3.1); where a high-pressure turbine drives a high-
pressure compressor, and the two act as a gas-generator for a low-pressure and
mechanically independent (free) power turbine. The power turbine in turn
drives an electrical generator, which converts mechanical work into electrical
power.
The twin-shaft arrangement allows for flexibility in operation, which is
advantageous given the variable nature of the solar energy resource. The twin-
shaft arrangement also has the added advantage of ease of starting, as only
the gas-generator needs to be turned (Saravanamuttoo et al., 2009).
The numbers 1 and 2 in the schematic layout denote the gas-generator
compressor inlet and outlet stations, 3 and 4 denote the gas-generator turbine
inlet and outlet stations, 4 and 5 denote the power turbine inlet and outlet
stations and 6 denotes the combustion chamber inlet station. Similarly, 2
and 6 denote the solar receiver inlet and outlet stations and 3 denotes the
combustion chamber outlet station.
The operation of the solar-hybrid MGT system is based on the Brayton
cycle, which can be represented on a temperature-entropy (T-s) diagram, as
shown in Figure 3.2. In this cycle, ambient air is first compressed in the com-
pressor from state 01 to state 02. During periods of sufficient solar irradiation,
the temperature of the pressurised air leaving the compressor T02 is raised
to the desired gas-generator TIT T03, through direct solar heating in the so-
lar receiver. For periods of insufficient solar irradiation, the temperature of
the pressurised air leaving the solar receiver T06 is raised to the desired gas-
generator TIT, through combusting backup fuel – assumed to be propane – in
the combustion chamber. The hot gases are then expanded; first in the gas-
generator turbine (state 03 to state 04), to meet the gas-generator compressor
work requirement, and thereafter in the power turbine (state 04 to state 05),
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Figure 3.2: T-s diagram for the solar-hybrid twin-shaft MGT Brayton cycle
to generate useful shaft work. The power turbine exhaust gases are finally
exhausted to the atmosphere. The state 02s corresponds to the final state of
the isentropic compression process, while 04s and 05s correspond to the final
states of the isentropic expansion processes. All these processes are assumed
to be adiabatic.
Pressure losses occur in the solar receiver and in the combustion chamber,
due to fluid friction and the momentum changes resulting from the addition
of heat to the moving fluid. These pressure losses are denoted by the terms
∆Prec and ∆Pcomb on the T-s diagram. Additionally, pressure losses occur in
the ducts connecting the individual components of the MGT system. These
duct losses were included in the associated component losses. This study
also assumed short intake and exhaust ducts, to ensure negligible intake and
exhaust pressure losses. The net effect of all these pressure losses is a reduction
in the pressure ratio available to the power turbine, which results in a reduction
in the useful MGT system work output.
The performance of the solar-hybrid MGT system was predicted using the
actual performance characteristics of the individual components of the solar-
hybrid MGT system. These components, and their actual performance char-
acteristics are discussed in turn, as follows:
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(a) (b)
Figure 3.3: Gas-generator compressor performance characteristics (Heuer, 2016);
non-dimensional mass flow rate vs (a) total-to-total pressure ratio and (b) total-to-
total isentropic efficiency
3.2.1 Gas-generator
The gas-generator of the MGT system was modeled based on a commer-
cially available BorgWarner Turbo Systems turbocharger (Model: K31 Part
no. 53319880025), and the operating range of the gas-generator was restricted
by that of the K31 turbocharger. This turbocharger has a compressor impeller
exducer diameter of 94.9 mm and a turbine rotor inducer diameter of 86 mm.
BorgWarner Turbo Systems provided performance test data for the K31
turbocharger (Heuer, 2016). This test data was used to generate the gas-
generator compressor and turbine performance characteristics. These perfor-
mance characteristics were described by two sets of curves; compressor total-
to-total pressure ratio P02/P01 and isentropic efficiency η(c,t−t) plotted against the
non-dimensional mass flow rate ṁ
√
T01/P01, along each constant non-dimensional
rotational speed line N/√T01 (see Figure 3.3), and turbine non-dimensional mass
flow rate ṁ
√
T03/P03 and overall turbocharger efficiency ηTC plotted against the
total-to-static pressure ratio P03/P4, along each constant non-dimensional rota-
tional speed line N/√T03 (see Figure 3.4).
3.2.2 Combustion chamber
The combustion chamber of the MGT system was modeled based on a tubular
type combustion chamber designed and manufactured by Hummel (2014). This
combustion chamber was designed for application on a MGT system similarly
based on the K31 turbocharger. The design process was mainly based on the
work of Conrado et al. (2004), Lefebvre and Ballal (2010) and Lilley (1977).
The combustion chamber was designed for a total pressure loss of 5 %
of the compressor delivery pressure, at a design point combustion chamber
inlet volume flow rate of 0.173 m3/s. Cold flow tests were performed for the
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(a) (b)
Figure 3.4: Gas-generator turbine performance characteristics (Heuer, 2016); total-
to-static pressure ratio vs (a) non-dimensional mass flow rate and (b) overall tur-
bocharger efficiency
combustion chamber on a test rig at the Institute of Thermal Turbomachinery
and Machinery Laboratory (ITSM), University of Stuttgart. A second-order
polynomial curve was fitted through a plot of the measured cold flow pressure
loss ∆Pcomb,cold (in Pa) against the calculated combustion chamber inlet volume
flow rate V̇ , with the following function obtained for the curve-fit
∆Pcomb,cold = 393096V̇
2 − 343.07V̇ + 262.19 (3.1)
Equation 3.1 was used to model the pressure loss in the combustion cham-
ber. Only the cold flow or frictional pressure loss was considered, with the
typically much smaller fundamental pressure loss resulting from the exother-
mic reaction neglected. According to Lefebvre and Ballal, only the cold flow
pressure loss is normally considered, because it can be measured with reason-
able accuracy.
However, if required, the hot flow pressure loss can be estimated from
Raleigh line gas dynamics, for a given temperature rise in the combustion
chamber. Typical values for the cold flow pressure loss range from 4 to 8 %,
while those for the fundamental pressure loss range from 0.5 to 1.0 %, for
combustion chambers of moderate temperature rise.
The combustion chamber was modeled in a series arrangement with the
solar receiver, with the former downstream of the latter (see Figure 3.1). A
series arrangement avoids the complexity of multiple usage of flow control
valves, which is inherent to a parallel arrangement, but results in a higher
pressure loss, since the total pressure loss is a sum of the pressure losses in
each of the components connected in series (Buck et al., 2016) – as is the case
with ordinary pipe flow.
Coogan et al. (2013) compared the two solar receiver-combustion chamber
configurations based on solar energy utilisation and emissions, as a function
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of the average combustion chamber equivalence ratio – which is defined as the
actual fuel/air ratio divided by the stoichiometric fuel/air ratio. Coogan et al.
found that a parallel arrangement would necessitate operating with a very high
flame temperature, to ensure maximum utilisation of the solar energy.
For their study, Coogan et al. set the turbine inlet temperature (1150 ◦C)
higher than the receiver outlet temperature (1000 ◦C). A parallel arrangement
necessitated raising the temperature of the compressed air to at least the set
receiver outlet temperature, in both the combustion chamber and the solar re-
ceiver, with the remaining temperature rise achieved through additional com-
bustion. To minimise the additional combustion – and ensure maximum solar
share – the air mass flow through the combustion chamber had to be reduced,
which would then result into a very high flame temperature. Nevertheless, the
achieved solar share for a parallel arrangement would still be lower than that
for a series arrangement.
Since it’s desirable for hybrid CSP plants to utilise the maximum solar en-
ergy possible, a series solar receiver-combustion chamber arrangement was pre-
ferred over a parallel arrangement. To tackle challenges such as auto-ignition
and flashback, which occur due to the elevated combustion chamber inlet air
temperatures experienced in a series arrangement, Coogan et al. proposed a
multibank micromix injector design.
3.2.3 Power turbine
The power turbine of the MGT system was modeled based on the turbine of a
commercially available BorgWarner Turbo Systems turbocharger (Model: K44
Part no. 53449886900), and the operating range of the power turbine was re-
stricted by that of the K44 turbocharger. The turbine of this turbocharger has
rotor inducer and exducer diameters of 140 mm and 124.85 mm, respectively.
The power turbine was sized using a Cordier diagram for single stage tur-
bines and expanders operating with compresible fluids, found in Balje (1981).
From the Cordier diagram, for a maximum turbine total-to-static isentropic
efficiency of 90 %, optimum values of 3.5 and 0.5 were obtained for the tur-
bine specific diameter ds and speed ns, as similarly suggested by Whitfield and
Baines (1990). The power turbine rotor tip diameter Dpt and rotational speed

















respectively, where V̇5 is the volume flow rate at the power turbine rotor outlet
and g = 9.81 m/s2 is the standard acceleration of gravity. Had is the adiabatic
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(a) (b)
Figure 3.5: Power turbine performance characteristics (Heuer, 2016); total-to-static
pressure ratio vs (a) non-dimensional mass flow rate and (b) overall turbocharger
efficiency
head, and was calculated from
Had =
γg
(γg − 1) g
R∆Tad (3.4)
where cp,g and R are the mean specific heat at constant pressure and the molar
gas constant of the expansion gases, respectively. The former was calculated
using Equation 3.45. ∆Tad is the isentropic temperature drop in the power









BorgWarner Turbo Systems similarly provided performance test data for
the K44 turbocharger, and this test data was used to generate the power
turbine performance characteristics. Similar to the gas-generator turbine, the
performance characteristics plot the power turbine non-dimensional mass flow
rate ṁ
√
T04/P04 and overall turbocharger efficiency ηTC against the total-to-static
pressure ratio P04/P5, along each constant non-dimensional rotational speed line
N/
√
T04 (see Figure 3.5).
3.2.4 Solar field and receiver
The solar power plant was modeled based on a central receiver system, with
the heliostat field based on Stellenbosch University’s Helio100 test facility at
Mariendahl. Helio100 has 102 modular and low cost heliostats, each with an
aperture area of 2.2 m2, corresponding to a total heliostat field aperture area
Afield of 224.4 m2. This test facility also has a tower with a height of 14 m
(Helio100, 2017).
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The Helio100 test facility currently has no pressurised air solar receiver.
Similar to an approach taken by Heller et al. (2017), the pressurised air solar
receiver in this study was based on the cluster of pressurised air solar receivers
tested during the SOLGATE project. A linear correlation between the solar
receiver thermal efficiency ηrec and the temperature of the pressurised air leav-
ing the solar receiver T06 was obtained for the solar receiver cluster test data
found in the SOLGATE Report (European Commission, 2005), as given below
ηrec = 1.19− 0.0004T06 (3.6)
This linear correlation (Equation 3.6) was used in combination with the
estimated solar thermal energy collected from the solar field to estimate the
temperature of the pressurised air leaving the solar receiver.
A pressure loss of 2 % of the compressor delivery pressure of 5.5 bar, at
an estimated air mass flow rate of 0.7 kg/s and a solar receiver inlet air tem-
perature of 300 ◦C, was also measured across the solar receiver cluster in the
SOLGATE project (European Commission, 2005). These values were used as
reference values in estimating the pressure loss across the solar receiver.
3.3 Solar resource
Direct normal irradiation (DNI) and ambient pressure and temperature data
for the four selected solar days was downloaded from the Sonbesie weather
station website (Sonbesie Weather Station, 2017). This weather station is in-
stalled at Stellenbosch University, and is in close proximity to the Helio100
test facility. The weather station uses a Kipp and Zonen (K&Z) CHP1 pyrhe-
liometer to directly measure the DNI.
To estimate the solar thermal energy collected by the heliostat field Q̇sol,
the optical efficiency of the heliostat field ηopt had to first be determined.
Gauché et al. (2012) modeled the optical performance of a central receiver
plant, but considered a surrounding heliostat field layout, since the optical
performance for such a field layout simplifies to a function of only the solar
zenith angle θz. A surrounding heliostat field layout would necessitate arrang-
ing the receiver modules around the center of the tower, to form a cylindrical
aperture area (Heller et al., 2017). Taking into consideration losses associated
with heliostat reflectivity, soiling and availability, Gauché et al. derived the
following sixth-order polynomial for the plant optical efficiency
ηopt = 0.4245θ
6
z − 1.148θ5z + 0.3507θ4z + 0.755θ3z − 0.5918θ22
+ 0.0816θz + 0.832
(3.7)
The solar zenith angle is the angle of the sun relative to vertical, and is a
complement of the solar altitude angle α
θz = 90− α (3.8)
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with the solar altitude angle defined as the angle between the central ray from
the sun and a horizontal plane containing the observer, and it is calculated
from the hour angle ω, declination angle δ and the latitude angle φ. Brief def-
initions of these angles, and the equations used to calculate them are provided
below. More illustrative descriptions of these angles, and the derivation of the
equations used to calculate them can be found in Stine and Geyer (2001).
The hour angle is the angle between the meridian parallel to the sun rays
and the meridian containing the observer, and was given by
ω = 15 (ts − 12) (3.9)
where ts is the solar time in hours, and was obtained using
ts = LCT +
EOT
60
− LC −D (3.10)
LCT is the local clock time, while EOT is the equation of time in minutes,
and is the difference between mean solar time and true solar time for any given
day. EOT was estimated using
EOT = 0.258 cosx− 7.416 sinx− 3.648 cos 2x− 9.228 sin 2x (3.11)
where the angle x is a function of the day number N
x =
360 (N − 1)
365.242
(3.12)





where Lloc is the longitude of the location of the heliostat field and Lst is the
longitude on which the local standard time is based.
The parameter D in Equation 3.10 only applies to regions where daylight
savings time is currently in effect, and is equal to 1 (hour), or zero otherwise.
The declination angle is the angle between the earth’s equatorial plane and
a line drawn between the center of the earth and the sun. It was calculated
from the expression
sin δ = 0.39795 cos [0.98563 (N − 173)] (3.14)
The latitude angle φ is the angle between a line drawn from a point on
the earth’s surface to the center of the earth, and the earth’s equatorial plane.
From the known hour angle, declination angle and latitude angle, the solar
altitude angle was calculated, using the following expression
sinα = sin δ sinφ+ cos δ cosω cosφ (3.15)
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From the calculated solar altitude angle, the solar zenith angle was cal-
culated (using Equation 3.8), and thereafter, the optical plant efficiency was
calculated (using Equation 3.7). The solar thermal energy collected by the he-
liostat field was then calculated from the optical efficiency, the heliostat field
aperture area Afield and the averaged DNI, using
Q̇sol = ηoptAfieldDNI (3.16)
A fraction of the solar thermal energy that is collected by the heliostat
field and reflected onto the solar receiver is absorbed into the pressurised air
passing through the solar receiver. The absorbed solar thermal energy raises
the temperature of the pressurised air. To determine the temperature of the
pressurised air leaving the solar receiver, the solar receiver efficiency was first
alternatively defined as the ratio of the solar thermal energy absorbed into the







Q̇rec = ṁacp,a (T06 − T02) (3.18)
Equating Equations 3.6 and 3.17, and substituting for Q̇rec (using Equa-





where cp,a is the mean ideal-gas specific heat at constant pressure of the air
stream passing through the solar receiver. cp,a was calculated (in kJ/kmolK)
using the following third-order polynomial approximation suggested by Cengel
and Boles (2011)
cp,a = −1.966× 10−9T 3 + 0.4802× 10−5T 2 + 0.1967× 10−2T + 28.11 (3.20)
where T is the mean stagnation temperature of the pressurised air stream
passing through the solar receiver, and was calculated as the mean of the
compressor outlet/receiver inlet air stagnation temperature and the receiver
outlet air stagnation temperature. The calculation of cp,a followed an iterative
process that required guessing an initial value of cp,a, calculating T06, then
taking the new T06 and calculating a more accurate mean value of cp,a.
The modeling of the solar resource implemented a temperature control loop
that ensured that the receiver outlet temperature never exceeded the desired
equilibrium running gas-generator TIT, as would be the case in a practical
solar-hybrid MGT system.
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3.4 MGT system component matching
The MGT system component matching used component models or actual per-
formance characteristics of the individual MGT components to predict the pos-
sible operating range of the MGT system under both standard and solar-hybrid
operation. According to Saravanamuttoo et al. (2009), the range of possible
operating conditions for each individual gas turbine component reduces signif-
icantly, when the components are linked together in an engine. The challenge
therefore, is to find corresponding operating points on the performance char-
acteristics of each component when the engine is running at a steady speed, or
in equilibrium. The obtained equilibrium running points for a series of speeds
can then be plotted on the compressor characteristic, and joined, to generate
an equilibrium running line. Thereafter, MGT system performance parame-
ters such as the TIT, useful work output, specific fuel consumption and cycle
thermal efficiency, corresponding to the obtained equilibrium running points
can easily be obtained.
The MGT system component matching procedure followed an interactive
nested loop approach adapted from Saravanamuttoo et al. (2009). In this
approach, equilibrium running/matching calculations manipulate component
performance characteristics – in the form of non-dimensional identities – to
achieve compatibility of mass flow, work and rotational speed between the
individual MGT components linked together in an engine. The nested loop
approach was chosen, because firstly, it gives a clear insight into the over-
all matching procedure, and secondly, it is relatively easy to implement in a
computer program for simple engines such as the twin-shaft MGT (Saravana-
muttoo et al., 2009; Walsh and Fletcher, 2004).
The MGT system component matching equations are described as follows:
since the gas-generator compressor and turbine are directly coupled together,
compatibility of rotational speed between corresponding compressor and tur-











The mass flow through the gas-generator turbine is the sum of that through
the coupled compressor, and the added fuel. Because the fuel mass flow was
not known at this stage of the component matching, it was assumed that the
mass flow through the gas-generator compressor was equal to that through
the coupled turbine. In practice, the fuel mass flow is only 1 to 2 % of the
air mass flow, and can therefore be ignored at this stage, without much loss
of accuracy. Compatibility of mass flow between corresponding gas-generator
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where the pressure ratio P02/P03 was determined directly from the non-dimensional
pressure loss across the combustion chamber ∆Pcomb/P02 (calculated using Equa-
tion 3.1, and non-dimensionalised by the compressor delivery pressure P02).






while for the solar-hybrid MGT system, the additional non-dimensional pres-









The variation in the non-dimensional pressure loss across the solar receiver

























were calculated based on the reference
values measured during the SOLGATE project.
The modeling implemented a bypass of the solar receiver during periods
of no solar insolation, to ensure that the receiver did not impose a parasitic
pressure loss on the cycle when it was not in use. The bypass of the solar re-
ceiver was achieved through setting the stagnation pressure at the combustion
chamber inlet equal to that at the compressor outlet, for periods of no solar
thermal energy input.
The gas-generator turbine has to meet the work requirement of the coupled
compressor. The compressor work requirement is expressed as
Ẇc = ṁcp,a∆T012 (3.26)
while the work output of the coupled gas-generator turbine is expressed as
Ẇt = ηmechṁcp,g∆T034 (3.27)
Matching of the work requirement of the gas-generator compressor, to the work
output of the coupled gas-generator turbine, for corresponding gas-generator
compressor and turbine operating points required that
ṁcp,a∆T012 = ηmechṁcp,g∆T034
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and γa is the specific heat ratio of air. The heat ratio was calculated through an
iterative process that entailed guessing an initial value of γa, calculating ∆T012
and cp,a, then taking the new cp,a and calculating a more accurate mean value
of γa. The new value of γa was then used to calculate new and more accurate
values of ∆T012 and cp,a. ∆T034 is the temperature drop in the gas-generator
turbine, and is the difference between the gas-generator turbine’s inlet and
outlet stagnation temperatures – the latter calculated from the static temper-
ature at the gas-generator turbine outlet (power turbine inlet) T4. The static
isentropic temperature at the gas-generator turbine outlet T4s was calculated
from the known gas-generator turbine pressure ratio and inlet temperature val-








where γg is the specific heat ratio of the expansion gases, and was similarly
calculated through an iterative process that entailed guessing an initial value
of γg, calculating T4s, then taking the new T4s and calculating a more accurate
mean value of γg. The new γg was used to calculate a new value of T4s which
was then substituted into Equation 3.31, including the known values of ηt,t−s
and T03, to obtain T4
T4 = T03 − ηt,t−s (T03 − T4s) (3.31)
The stagnation temperature at the outlet of the gas-generator turbine T04 was
then calculated from




where V4 is the gas stream velocity at the outlet of the gas-generator turbine,





R is the molar gas constant and d4 is the pipe diameter at the gas-generator
turbine’s outlet.
The gas generator was matched to the power turbine based on the fact that
the mass flow leaving the gas generator must equal that at the entry of the
power turbine, and that the pressure ratio available to the power turbine is
fixed by the gas-generator compressor and turbine pressure ratios.
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where the stagnation pressure at the gas-generator turbine outlet P04 was de-
termined from the calculated values of T4 and T04, using the ideal-gas isentropic







Through inspection of the main matching Equations (3.21, 3.22 and 3.28),
it is observed that the temperature ratio T03/T01 is a common parameter in all
three equations. This ratio was therefore used as the convergence parameter
in the matching procedure.
The component matching procedure entailed guessing a value of T03/T01 and
for each constant compressor non-dimensional speed line, selecting a compres-
sor operating point, and determining the corresponding gas-generator turbine
operating point. From the obtained gas-generator turbine operating point, a
new value of T03/T01 was then calculated (using Equation 3.28), and compared
to the guessed value, with agreement signifying that matching of the obtained
gas-generator turbine operating point with the selected compressor operating
point had been achieved, for the guessed value of T03/T01. The gas-generator
TIT was then determined from the product of the matching T03/T01 and the
known ambient temperature T01.
A final temperature ratio range of 2.5 to 4.2, in increments of 0.001, was
used for the temperature ratio iteration. This temperature ratio range was
obtained from an analysis of the initial results from the component matching.
The upper limit corresponded to a gas-generator TIT of 930 ◦C. BorgWarner
Turbo Systems specify a maximum continuous TIT of 950 ◦C for most of their
turbochargers (BorgWarner, 2017).
To terminate the matching for each constant compressor non-dimensional
speed line, the difference between the guessed and the iterated value of T03/T01
had to be less than 0.001.
3.5 Combustion analysis
During periods of insufficient or no solar irradiation, fuel has to be combusted
to raise the temperature of the pressurised air stream to the desired equilibrium
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running gas-generator TIT. The MGT system was assumed to run on propane,
which has a lower heating value (LHV) of 46.34 MJ/kg. Propane was chosen
because of its relatively high boiling point (which makes it easy to handle), its
good thermal stability and its clean combustion.
The mass flow rate of propane was determined through performing an
analysis of the chemical reaction that takes place in the combustion cham-
ber. Assuming complete combustion of propane with excess air, and applying


















where ẋ and ẏ are the molar mass flow rates of propane and air, respectively.
ẏ was calculated from the air mass flow rate corresponding to the selected
compressor operating point, the number of moles of air taking part in the
chemical reaction (1 kmol of oxygen + 3.76 kmol of nitrogen = 4.76 kmol of





while ẋ was calculated from the following expression, derived through rear-






























h denotes the enthalpy of a reactant r or a product p, and was given by





where h0f is the enthalpy of formation of a reactant or product at the standard
reference state (25 ◦C and 1 atm) and the term in the parentheses is the sensible
enthalpy of the reactant or product relative to the standard reference state,
and was given by the difference between the sensible enthalpy of the reactant
or product at the specified state hT , and the sensible enthalpy of the reactant
or product at the standard reference state h0.
Assuming the reactants and combustion products are ideal gases, the val-
ues of enthalpy at the specified states for the reactants and products were
then interpolated from ideal-gas property tables provided by Cengel and Boles
(2011). For the reactants, propane was assumed to be at the standard refer-
ence state, while the air was either at the compressor outlet temperature, for
standard MGT operation or at the solar receiver outlet temperature, during
solar-hybrid operation. The combustion products were assumed to be at the
desired gas-generator TIT.
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It has to be noted that the enthalpies of formation of the reactants and
the combustion products at the specified states are slightly lower than those
at the standard reference state.
The ideal mass flow rate of propane ṁf,id was thereafter determined from
the product of the determined molar mass flow rate of propane and the molar
mass of propane, using
ṁf,id = ẋM (3.41)
with the actual mass flow rate of propane mf then determined from the cal-
culated ideal mass flow rate of propane and an assumed combustion efficiency










3.6 Working fluid properties
The values of the properties cp and γ of the working fluid vary throughout the
cycle, due to changes of temperature and, with internal combustion, due to
changes in chemical composition. These properties are useful in the estimation
of the cycle performance, and it is necessary to take account of variations in
the values of the properties, due to changing conditions throughout the cycle
(Saravanamuttoo et al., 2009).
Normally, cp is a function of temperature alone, for ideal gases over the
typical working ranges of pressure and temperature (Cengel and Boles, 2011).





The working fluid during the MGT system compression process is air, and
the mean ideal-gas values of cp, corresponding to the selected compressor op-
erating points were calculated using Equation 3.20, where T is the mean stag-
nation temperature of the pressurised air, and was calculated as the mean of
the compressor inlet and outlet air stagnation temperatures.
On the other hand, the working fluid during the solar-hybrid MGT system
expansion processes in the gas-generator and the power turbine is a mixture
of combustion gases. Given the composition of the fuel, and the fuel/air ra-
tio used, a method for estimating the properties of the products of complete
combustion of a general fuel in a general medium can be found in Fielding
and Topps (1959), as suggested by Saravanamuttoo et al. (2009). The pro-
posed method develops equations for the difference between a property of a
gas mixture and the corresponding property of air.
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According to Fielding and Topps, the composition of products of complete
combustion of a general fuel in a general medium are dependent only on the
fuel and medium composition and fuel/medium ratio. The chemical structure
and physical state of the fuel and medium have no effect on product composi-
tion since differing chemical combinations of the same basic components give
identical products on complete combustion. For instance, all hydrocarbons
may be considered simply as hydrogen and carbon irrespective of the chemical
or physical form of the hydrocarbon. This technique considerably simplifies
the determination of general combustion product properties.
Assuming complete combustion of propane in dry air, and knowing the
composition of propane and its combustion products, the specific heat for the
mixture of combustion gases cp,g was calculated using







where cp,a is the mean ideal-gas specific heat of dry air (calculated using Equa-
tion 3.20), f is the fuel/air ratio, Cf and Hf are the carbon and hydrogen
content of propane by mass and θC and θH are the carbon and hydrogen theta
functions for mean specific heat at a specified temperature, and were calculated
using
θC = 3.6645cp,CO2 − 2.6645cp,O2 − cp,a (3.46)
and
θH = 8.9365cp,H2O − 7.9365cp,O2 − cp,a (3.47)
where cp,CO2 , cp,O2 and cp,H2O are the mean ideal-gas specific heats at con-
stant pressure of carbon dioxide, oxygen and water vapor, and were calculated
(in kJ/kmolK) using the following third-order polynomial approximations sug-
gested by Cengel and Boles (2011)
cp,CO2 = 7.469× 10−9T 3 − 3.501× 10−5T 2 + 5.981× 10−2T + 22.26 (3.48)
cp,O2 = 1.312× 10−9T 3 − 0.7155× 10−5T 2 + 1.520× 10−2T + 25.48 (3.49)
cp,H2O = −3.595× 10−9T 3 + 1.055× 10−5T 2 + 0.1923× 10−2T + 32.24 (3.50)
where T is the desired gas-generator TIT.
During periods of solar-only operation, there is no requirement for addi-
tional combustion of fuel, and the working fluid for the MGT expansion process
is hot air. For this case and similar to the compression process, the mean values
of cp were calculated using Equation 3.20.
The amount of heat released when a fuel is burned completely in a steady-
flow process and the products are returned to the standard temperature (25 ◦C)
of the reactants is referred to as the enthalpy of combustion or heating (calorific)
value of a fuel. For gas turbine performance calculations, the most desirable
calorific value of fuel is the lower heating value (LHV) or net calorific value at
constant pressure (ASME PTC 22, 2014; Fielding and Topps, 1959).
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However, the enthalpy of combustion for any given fuel is different at dif-
ferent temperatures and pressures (Cengel and Boles, 2011). According to
Fielding and Topps, the calorific value of a fuel at any given temperature,
also known as the effective calorific value at a specified temperature E.C.V T ,
depends on both the constant-pressure net calorific value of the fuel at the
standard temperature and the fuel composition. For a steady-flow complete
combustion process of propane in dry air, the effective calorific value of propane
at the desired gas-generator TIT T03 was calculated using (Fielding and Topps,
1959)





− CfθC −HfθH (3.51)




is the change in enthalpy of dry air due to a change of temperature




= ha(T03) − ha(298.15 K) (3.52)
The terms Cf and Hf are as previously described, while θC and θH are the
carbon and hydrogen theta functions for effective calorific value at the desired
gas-generator TIT, and were given by
θC = 3.6645hCO2 − 2.6645hO2 − ha (3.53)
and
θH = 8.9365hH2O − 7.9365hO2 − ha (3.54)
The enthalpy values (in kJ/kmol) for air ha, carbon dioxide hCO2 , oxygen
hO2 and water vapor hH2O were interpolated from ideal-gas property tables
provided by Cengel and Boles (2011).
The total cycle thermal energy input Q̇th for the MGT under standard
operation was then calculated using
Q̇th = ṁfE.C.V T (3.55)
while that for the MGT under solar-hybrid operation was given by
Q̇th = ṁfE.C.V T + Q̇rec (3.56)
with the solar share – defined as the ratio of the solar thermal energy absorbed






The useful work output from the power turbine Ẇpt was then estimated
from the temperature drop in the power turbine ∆T045 and an assumed turbine-
output mechanical efficiency ηmech of 99 %, using
Ẇpt = ηmechṁcp,g∆T045 (3.58)
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The cycle thermal efficiency ηth was determined from the ratio of the power





The modeling approach for the MGT system under solar-hybrid operation
is summarised in the flow chart shown in Figure 3.6.
3.7 Recuperation
MGT systems in the power output range of 5 to 20 kW are typically char-
acterised by low pressure ratios in the range of 2 to 3, and consequently low
cycle thermal efficiencies in the range of 7 to 13 % (Córdova et al., 2015). To
improve the low cycle thermal efficiencies, these systems normally incorporate
recuperation.
As shown on the T-s diagram (Figure 3.2), the temperature of the exhaust
gases leaving the power turbine T05 is higher than that of the pressurised air
leaving the compressor T02. A heat exchanger can therefore be fitted between
the compressor and the solar receiver, to recover the thermal energy contained
in the exhaust gases leaving the power turbine, and reduce the requirement for
combustion. Reduction in the combustion requirement consequently increases
the cycle thermal efficiency.
Similar to the approach taken by Córdova et al., the cycle thermal efficiency
that could be achieved through adding recuperation to the MGT system under





where Q̇R is the actual thermal energy recovered in the recuperator, and was





The term εR in Equation 3.62 is the recuperator effectiveness while Q̇R,max
is the maximum theoretical thermal energy that could be recovered in the
recuperator. A recuperator effectiveness of 92 % was assumed for this study,
as experimentally determined by Córdova et al.. The maximum theoretical
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Input: DNI, ambient conditions, com-
ponent performance characteristics
Model solar resource; Calculate
the earth-sun angles and determine
the available solar thermal energy
Perform component matching; guess T03/T01, and
for each constant compressor speed line, select
a compressor operating point, and generate the
corresponding gas-generator turbine operating
point. Calculate a new value of T03/T01 (using Equa-














Figure 3.6: Summary of the modeling approach
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thermal energy that could be recovered through recuperation was calculated
from
Q̇R,max = ṁacp,a (T05 − T02) (3.63)
This simplified approach showed the potential for increasing the cycle ther-
mal efficiency, when recuperation is considered, without taking into account
the geometry of the recuperator. This approach though ignores the additional
pressure losses that result from incorporating an additional component in the
flow path between the gas-generator compressor and turbine, and the adverse
effect that these pressure losses have on the useful MGT system work output.
3.8 Transient modeling
A thorough understanding of the dynamic behaviour of the MGT system is
essential for the development and implementation of suitable control system-
s/strategies for solar-hybrid MGT systems. During transient operation, the
gas turbine control system must ensure that the critical operating limits of
rotor speed and TIT are never exceeded, and that compressor surge is avoided
(Saravanamuttoo et al., 2009).
The transient response of the solar-hybrid MGT system following a sudden
change in the solar irradiation/solar thermal energy input and load can be
critical to its safe operation. A sudden increase or decrease in the solar thermal
energy input can lead to a sudden acceleration or deceleration of the solar-
hybrid MGT system, the former potentially leading to compressor surge. The
solar receiver and its ducting system also increase the thermal inertia and
the pressurised air volume in a MGT system under solar-hybrid operation.
Critical situations, such as abrupt load shedding and emergency shutdowns,
while the MGT system is operating at maximum solar thermal energy input
and load, can result in a high amount of solar thermal energy entering the
MGT system and accelerating it, potentially beyond the maximum acceptable
rotor over-speed limit.
The acceleration or deceleration of the MGT system, due to the sudden
change in the solar thermal energy input is typically corrected by altering the
fuel mass flow rate, using a suitable fast acting fuel flow control valve. On the
other hand, safety measures, such as the use of fast acting air flow control and
blow-off valves, mechanical brakes and shunt resistors loading the generator,
have been suggested in literature, as suitable control measures against the rotor
over-speed that results from the high thermal inertia and additional volume
existing in the MGT system during load shedding or emergency shutdowns.
Studies such as Felsmann et al. (2014, 2015) and Kathirgamanathan and
Axelsson (2018) modeled in detail the effect of flow control and blow-off valve
response rates on rotor over speed, and further suggest the maximum accept-
able response time to safely mitigate against rotor over-speed during load-
shedding and emergency shut down. This study rather focused on modeling
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the transient response of the MGT system to sudden changes in solar irradi-
ation/solar thermal energy input during the four selected solar days, for the
proposed MGT system control strategy of operating at the determined solar-
hybrid equilibrium running point.
Similar to Kathirgamanathan and Axelsson, the transient modeling fol-
lowed a quasi-steady-state approach.
The fuel mass flow rate necessary to accelerate or decelerate the solar-
hybrid MGT system, in order to maintain it operating at the determined
solar-hybrid equilibrium running point, the resultant gas-generator TIT and
rotational speed and the useful work output were calculated for each minute
of MGT system solar-hybrid operation, during hours of sufficient solar irradi-
ation.
The critical TIT limit was the OEM specified maximum continuous tur-
bocharger TIT of 950 ◦C. The temperature ratio range used for the component
matching ensured this temperature limit was never exceeded. Therefore, the
only critical transient operating parameter that needed to be monitored was
the gas-generator rotational speed.
The simplified approach adopted for the transient modeling cannot capture
the full transient effects of the additional thermal inertia and pressurised air
volume in solar-hybrid MGT system components, such as the solar receiver,
recuperator, and their connecting ducts, during critical situations, such as
abrupt load shedding and emergency shutdowns. But as a first iteration,
it should be able to illustrate the main control system corrective action of
altering the fuel flow, in response to sudden (minute averaged) changes in
solar irradiation, without requiring knowledge of the geometry of the physical
solar-hybrid MGT system – given this information was not available during
this (theoretical modeling) stage of the study. In addition, the turbo-lag in
small gas turbine systems based on turbochargers sized for truck engines should
be much shorter than the one-minute time steps of the solar thermal energy
input, further justifying the quasi-steady-state approach.
A thorough transient analysis of the MGT system under solar-hybrid oper-
ation has to take into account the geometry of the physical solar-hybrid MGT
system. Knowledge of the response rates of control system components, such
as flow control and blow-off valves, is also required.
3.9 Modeling results and analysis
3.9.1 MGT system equilibrium running points
From the matching of the individual MGT system components, equilibrium
running (operating) points for both standard and solar-hybrid MGT system
operation – denoted by MGT and SHMGT, respectively – were obtained, and
plotted on the compressor performance characteristic (see Figure 3.7).
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Figure 3.7: MGT system equilibrium running points















The equilibrium running point for the MGT system under standard opera-
tion lies on the 4891 non-dimensional compressor speed line, while that for the
MGT system under solar-hybrid operation lies on the 5706 non-dimensional
compressor speed line. Addition of solar thermal energy to the MGT system
shifted the operating point of the MGT system to a region of higher compres-
sor pressure ratio, non-dimensional speed and non-dimensional mass flow rate
(see Table 3.1). The shift of the solar-hybrid MGT system equilibrium running
point was to counter the additional system pressure losses introduced by the
solar receiver and the solar thermal energy input into the pressurised air, and
ensure the compressor work requirement is met by the coupled gas-generator
turbine, while also maintaining a useful work output from the power turbine.
Figure 3.7 shows a reduced surge margin – defined as the difference between
a mass flow rate on the operating line at a certain non-dimensional speed
and the corresponding mass flow rate on the surge line at the same speed,
expressed as a percentage of the mass flow rate on the operating line (Brun and
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Nored, 2009) – for the MGT system operating at the determined solar-hybrid
equilibrium point, in comparison to that of the MGT system under standard
operation. A surge margin of 21 % was calculated for solar-hybrid operation,
in contrast to the 50 % calculated for standard MGT system operation.
The minimum acceptable compressor surge margin is dependent on the
system configuration and application requirements, since the worst operating
conditions and transient requirements vary with each application (Walsh and
Fletcher, 2004). Nevertheless, for power and propulsion applications, a surge
margin of 15 to 20 % is typically expected (Dixon and Hall, 2010; Walsh and
Fletcher, 2004).
It is noted though that, the stable operating region for the K31 tur-
bocharger is narrower at high compressor speeds, given the shift of the surge
line to the right (see Figure 3.7).
3.9.2 Standard MGT system performance
The performance of the MGT system under standard operation was analysed
through studying the effect of changing ambient temperature and pressure
conditions – over the course of the two selected solar days – on the performance
of the MGT system, for the obtained MGT system equilibrium running point.
As expected, the gas-generator TIT increased linearly with ambient tem-
perature (see Figure 3.8). The temperature ratio T03/T01 decreases with increas-
ing ambient temperature. Since the gas-generator TIT is given by (T03/T01)T01,
the decrease in T03/T01 is more than offset by the increase in T01, which results
in an increase in the gas-generator TIT.
Notably though, the linear relation between the gas-generator TIT and
ambient temperature, during standard operation is in contrast to that observed
for solar-hybrid operation, as will later be shown (see Figure 3.15).
The predicted air mass flow rate through the MGT system decreased with
increasing ambient temperature, since the air mass flow rate was determined
from the compressor non-dimensional mass flow rate for the obtained equi-




T01/P01). Consequently, operating at
higher ambient temperature resulted in lower work output, since the work out-
put is proportional to the air mass flow rate through the MGT system. On
the other hand, operating at higher ambient pressure resulted in an increase in
the predicted air mass flow through the MGT system, consequently resulting
in higher work output.
The predicted MGT system work output during the course of the two
selected days is shown in Figure 3.9. A higher work output was predicted
for the cooler (winter) solar day, since lower ambient temperature and higher
ambient pressure values were measured for this day, in comparison to the
warmer (summer) solar day. The nearly linear trend for the predicted work
output during standard operation was also in contrast to that predicted for
solar-hybrid operation, as will later be shown (see Figure 3.14).
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Figure 3.8: Effect of ambient temperature on the gas-generator TIT under standard
operation
Figure 3.9: Useful work output of the MGT system under standard operation
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Figure 3.10: Effect of solar share on the gas-generator TIT
Overall, the predicted performance of MGT system under standard opera-
tion was consistent with the expected behaviour of a conventional gas turbine
operating under low and high ambient temperature and pressure conditions.
This in turn validated the predicted performance of the MGT system.
3.9.3 Solar-hybrid MGT system performance
Steady-state performance
The gas-generator TIT decreased with increasing solar share, but with higher
gas-generator TIT predicted for the warmer solar day (see Figure 3.10). An
increase in solar share typically results in a reduction in the fuel mass flow
rate (as shown in Tables C.1 and C.2), due to a reduction in the combustion
requirement. The reduction in the fuel mass flow rate further results in a
reduction in the gas-generator TIT. Higher gas-generator TIT was predicted
for the warmer solar day, due to the higher ambient temperature measured
for that day. As was shown for the MGT system under standard operation
(Figure 3.8), and as will later be shown for the MGT system under solar-hybrid
operation (Figure 3.15), operating at higher ambient temperature typically
results in higher gas-generator TIT.
An increase in solar share resulted in a reduction in the useful work output,
with lower work output predicted for the warmer solar day (see Figure 3.11).
An increase in solar share results in an increase in the system pressure losses
(mainly across the combustion chamber, since the pressure loss across the solar
receiver remained constant (see Tables C.1 and C.2)), which further results in
a reduction in the useful work output. The lower work output predicted for the
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Figure 3.11: Effect of solar share on the useful work output
warmer solar day was a result of the higher system pressure losses predicted
for that day.
The predicted work output of the MGT system under standard operation
was additionally plotted on Figure 3.11. At solar share beyond 81 %, for the
summer day, and 86 %, for the winter day, the work output of the MGT system
under solar-hybrid operation drops below that predicted for the MGT system
under standard operation.
The specific fuel consumption SFC decreased with increasing solar share,
but with slightly higher SFC predicted for the warmer solar day, when oper-
ating at higher solar share (see Figure 3.12). SFC is directly proportional to
the fuel mass flow rate and inversely proportional to the useful work output.
As previously noted, the fuel mass flow rate decreases with increasing solar
share, and lower fuel mass flow rates were predicted for the warmer solar day.
Similarly, the useful work output decreased with increasing solar share, due
to an increase in the MGT system pressure losses, when operating at higher
solar share. Therefore, the SFC decreased with increasing solar share, due to
the decrease in the fuel mass flow rate. For the warmer solar day, the decrease
in the fuel mass flow rate was more than offset by the decrease in the work
output, which resulted in the higher SFC.
The predicted SFC for the MGT system under standard operation was ad-
ditionally plotted on Figure 3.12. As expected, the SFC for the MGT system
under standard operation is higher than that under solar-hybrid operation,
owing to the higher combustion requirement during standard operation.
The cycle thermal efficiency decreased with increasing solar share (see Fig-
ure 3.13), but with slightly higher cycle thermal efficiency predicted for the
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Figure 3.12: Effect of solar share on the SFC
cooler solar day, when operating at higher solar share. The cycle thermal effi-
ciency is a function of both the useful work output and the total cycle thermal
energy input. An increase in the solar share resulted in a decrease in both
the useful work output and the total cycle thermal energy input, the latter
due to a decrease in the combustion requirement. The cycle thermal efficiency
decreased with increasing solar share because the decrease in the total cycle
thermal energy input was more than offset by the decrease in the useful work
output.
The predicted cycle thermal efficiency of the MGT system under standard
operation was additionally plotted on Figure 3.13. At solar share beyond 69 %,
for the winter day, and 74 %, for the summer day, the MGT system operates
at a cycle thermal efficiency below that predicted for the MGT system under
standard operation. This further limits the solar share operating range beyond
that predicted for the work output.
The disparity in the predicted SFC, work output and cycle thermal ef-
ficiency, for both solar days was more pronounced at higher solar share (see
Figures 3.11 to 3.13).
Overall, higher useful work output was predicted for the cooler solar day,
but with the lowest work output predicted for noon of either selected solar
day (see Figure 3.14). This period corresponded to that, for which the highest
solar thermal energy input or highest solar share, and consequently highest
system pressure losses were predicted (see Tables C.1 and C.2).
A parabolic trend was predicted for the work output during hours of solar
irradiation, in contrast to the nearly linear trend predicted for the standard
operation (see Figure 3.9). The parabolic trend is similar, but opposite in
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Figure 3.13: Effect of solar share on the cycle thermal efficiency
Figure 3.14: Useful work output for the MGT system under solar-hybrid operation
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Figure 3.15: Effect of ambient temperature on the gas-generator TIT during solar-
hybrid operation
nature to that shown by the DNI for the same period (see Figures 3.16a to
3.16d), and consequently that for the solar thermal energy input – given the
latter was calculated from the former.
Similar to the MGT system under standard operation, the performance of
the MGT system under solar-hybrid operation was also analysed by studying
the effect of high and low ambient temperature and pressure conditions –
during periods of solar irradiation for the two selected solar days – on MGT
system performance parameters such as the gas-generator TIT, air mass flow
rate and useful work output, for the obtained MGT system equilibrium running
point.
For operation at higher ambient temperatures, higher gas-generator TIT
was predicted for the MGT system under solar-hybrid operation, as seen for
the warmer solar day (see Figure 3.15). In contrast to the linear relation
observed for the standard operation (see Figure 3.8), the relation between the
gas-generator TIT and ambient temperature for the MGT system under solar-
hybrid operation was parabolic. This trend reflects the parabolic nature of the
available solar energy resource/the solar thermal energy input during periods
of solar irradiation for the two selected solar days.
Similar to the MGT system under standard operation, lower air mass flow
rates were predicted for the MGT system under solar-hybrid operation, when
operating at higher ambient temperatures. Similarly, lower air mass flow rates
were predicted for the MGT system under solar-hybrid operation, when oper-
ating at lower ambient pressures. The overall result of all these effects was a
lower work output predicted for the warmer solar day.
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The main steady-state performance parameters for the MGT system under
solar-hybrid operation are further summarised in Tables C.1 and C.2, while
those for the MGT system under standard operation are summarised in Ta-
bles C.3 and C.4, for a winter day (04 August, 2016), and a summer day (04
January, 2017), respectively.
For the MGT system under solar-hybrid operation, a nominal useful work
output of 20 kW, at a SFC of 0.0004 kg/kWh and a cycle thermal efficiency
of 8 % was predicted. With the addition of recuperation, the cycle thermal
efficiency could potentially be increased to 20 %. In contrast, a lower nominal
work output of 12.5 kW, at a higher SFC of 0.0012 kg/kWh and a lower cycle
thermal efficiency of 7 %, was predicted for the MGT system under standard
operation, with the cycle thermal efficiency potentially increasing to only 17 %,
with the addition of recuperation.
Transient performance
The predicted transient behaviour of the MGT system under solar-hybrid op-
eration, throughout each of the four selected days is shown in Figures 3.16 and
3.17. In Figure 3.16, the DNI, gas-generator TIT and rotational speed and the
useful work output were plotted for each minute of the four selected solar days.
Because of its significantly lower order of magnitude, the fuel mass flow rate
was plotted separately, with the DNI included for clarity (see Figure 3.17).
Similar to the predicted steady-state performance, the gas-generator TIT
and useful work output decreased with increasing DNI, while the opposite was
true for the gas-generator rotational speed. The nearly constant segments at
both ends of the plotted graphs correspond to standard MGT system opera-
tion, during periods of zero or insufficient solar irradiation.
A sudden increase in DNI normally resulted in a sudden reduction in the
fuel mass flow rate, to maintain the MGT system operating at the determined
solar-hybrid MGT system equilibrium running point, throughout the four se-
lected solar days. On the other hand, a sudden drop in the DNI – which
similarly corresponded to a sudden drop in the solar thermal energy input and
solar share – resulted in a sudden increase in the fuel mass flow rate, either
to maintain the MGT system operating at the determined solar-hybrid MGT
system equilibrium running point, or to completely switch to standard MGT
system operation mode.
The switch to standard MGT system operation mode generally corre-
sponded to higher fuel mass flow rates, due to the zero solar thermal en-
ergy input. Standard MGT system operation also corresponded to lower gas-
generator TIT, rotational speed, and power turbine power output, owing to the
lower gas-generator compressor power requirement at the determined standard
MGT system equilibrium running point.
Generally stable MGT system solar-hybrid operation was achieved for typ-
ical winter, spring and summer days. On the contrary, solar-hybrid operation
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(a) (b)
(c) (d)
Figure 3.16: DNI, gas-generator TIT and rotational speed and useful work output
throughout a; (a) winter day, (b) spring day, (c) autumn day and (d) summer day
on a cloudy autumn day required several increases in fuel mass flow rate, either
to maintain the MGT system operating at the determined solar-hybrid MGT
system equilibrium running point, or to allow the switch to standard MGT
system operation mode.
For the selected control strategy of maintaining the MGT system operating
at the determined solar-hybrid equilibrium running point, equilibrium running
of the MGT system in solar-hybrid mode could only be achieved for solar
share of at least 19 % for both the autumn and spring days, 17 % for the
summer day and 15 % for the winter day. The switch to standard MGT system
operation mode was therefore executed at solar share below these values, for
each respective solar day.
As expected, the predicted gas-generator rotational speed did not vary sig-
nificantly for each of the four selected solar days, when operating at the deter-
mined solar-hybrid equilibrium running point. The standard deviation for the
gas-generator rotational speed was 281 rpm for the winter day, corresponding
to a rotor over speed of 100.3 %, 480 rpm for the autumn day, corresponding
to a rotor over speed of 100.5 %, 843 rpm for the summer day, corresponding
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(c) (d)
Figure 3.17: DNI and fuel mass flow rate throughout a; (a) winter day, (b) spring
day, (c) autumn day and (d) summer day
to a rotor over speed of 100.9 % and 970 rpm for the spring day, corresponding
to a rotor over speed of 101.0 %. By maintaining the MGT system operating
at the determined solar-hybrid equilibrium point, the predicted gas-generator
rotational speed remained below the maximum industry accepted rotor over
speed limit of 105 %, for all four selected solar days.
Therefore, operating the MGT system at the determined solar-hybrid equi-
librium point during solar-hybrid operation could eliminate the risk of running
into compressor surge, albeit with a reduced surge margin.
3.10 Conclusion
The aim of the modeling work was to predict the performance of a MGT system
under solar-hybrid operation, in order to determine the possible operating
range, and formulate operation and control strategies for the MGT system.
The modeling considered both steady-state and transient operation, and used
meteorological data for four arbitrarily selected solar days, one for each climatic
Stellenbosch University https://scholar.sun.ac.za
CHAPTER 3. THEORETICAL MODELING WORK 53
season experienced in Southern Africa.
The matching of the individual MGT system components showed that the
equilibrium running (operating) point of the MGT system shifted to a region
of higher compressor pressure ratio and non-dimensional speed and mass flow
rate on the compressor characteristic. The shift of the MGT system equilib-
rium running point was to counter the system pressure losses introduced by
the addition of solar thermal energy into the MGT system, and ensure the
compressor work requirement was met by the coupled gas-generator turbine,
while also maintaining a useful work output from the power turbine. The
shift of the MGT system equilibrium running point resulted in a reduction in
the surge margin, from 50 to 21 %, but still within the typical surge margin
expected for power and propulsion applications.
A nominal work output of 20 kW, at a SFC of 0.0004 kg/kWh and a cycle
thermal efficiency of 8 % was predicted for the MGT system under solar-hybrid
operation. With the addition of recuperation, the cycle thermal efficiency could
potentially be increased to 20 %. In contrast, a lower nominal work output of
12.5 kW, at a higher SFC of 0.0012 kg/kWh and a lower cycle thermal effi-
ciency of 7 %, was predicted for the MGT system under standard operation,
with the cycle thermal efficiency potentially increasing to only 17 %, with the
addition of recuperation. Subsequently, better solar-hybrid performance is ex-
pected for a MGT system based on more efficient/better performing individual
components.
Despite its limitations, as a first iteration, the transient model was able
to illustrate the fuel flow alterations necessary to counter sudden changes in
solar irradiation, when the proposed control strategy of operating the MGT
system at the determined solar-hybrid equilibrium running point was imple-
mented. Furthermore, the gas-generator rotational speed remained below the
maximum industry accepted rotor over speed limit, implying that solar-hybrid
equilibrium running could potentially eliminate the risk of running into com-
pressor surge, albeit with a reduced surge margin.
Overall, equilibrium running of the MGT system under solar-hybrid mode
should be possible for solar share of at least 20 %, for any solar day. For solar
share beyond 81 %, for the summer day, and 86 %, for the winter day, the
work output of the MGT system under solar-hybrid operation drops below
that predicted for the MGT system under standard operation. On the other
hand, for solar share beyond 69 %, for the winter day, and 74 %, for the
summer day, the MGT system operates at a cycle thermal efficiency below
that predicted for the MGT system under standard operation, further limiting
the solar share operating range. Therefore, depending on the MGT system
design requirements for work output or cycle thermal efficiency, a suitable
control system that can maintain solar-hybrid operation within these solar
share limits, and completely switch to standard operation otherwise would
need to be designed.
Other control measures implemented during the modeling, that should also
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be implemented in the physical MGT system include: setting the receiver out-
let temperature to never exceed the desired equilibrium running gas-generator
TIT, and bypassing the solar receiver during periods of no or insufficient solar
irradiation.
3.11 Research contribution
The findings from the earliest modeling work were presented at the 4th South-
ern African Solar Energy Conference (SASEC), and published in Ssebabi et al.
(2016), as part of the peer-reviewed conference proceedings. The latest findings
from the modeling work, largely as presented in this chapter, were published
in Ssebabi et al. (2019).
Stellenbosch University https://scholar.sun.ac.za
Chapter 4
Design and Experimental Work
The purpose of the experimental work was to design, build, test and charac-
terise the performance of an experimental MGT system, in order to validate its
predicted performance. From the determined performance of the MGT system,
the technical feasibility of adapting such a system to solar-hybrid operation
was also assessed.
This chapter discusses the set up of the experimental MGT system test
bench, the experimental procedure followed, the measured parameters – and
the performance parameters calculated from these measurements, as well as the
uncertainty associated with both the measured and the calculated parameters.
In addition, the experimental validation of the developed mathematical model,
and the technical feasibility of adapting the developed experimental MGT
system to solar-hybrid operation are covered.
4.1 MGT system test bench
The experimental MGT system test bench consists of a gas generator and a
power turbine – both based on the commercially available BorgWarner tur-
bochargers considered for the modeling work (see Figure 4.1), as well as an
in-house designed and manufactured tubular type combustion chamber. In
addition, the test bench is equiped with four differential pressure class me-
ters; two orifices, a flow nozzle and a Venturi tube, all specifically designed
and manufactured for this study, except for the flow nozzle that was already
available in-house. The design process for the flow meters was in accordance
with ASME PTC 19.5 (2004).
The selection of the instrumentation used on the test bench, the location of
the measurement points and the methods of measurement followed guidelines
given by ASME PTC 22 (2014), but with further reference made to ASME
PTC 10 (1997), ASME PTC 19.2 (1987) and ASME PTC 19.3 (2004). Four
static pressure taps and four static temperature taps were provided at each
corresponding measurement point, except for the fuel supply system – owing
55
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1
2
Figure 4.1: Coupling of the turbochargers; 1. K31, 2. K44
to the small size of tubing used (10 mm OD/8 mm ID). The pressure taps were
located circumferentially around the piping, and spaced 90◦ apart, as were the
temperature taps, but with the latter placed 45◦ to the former, to ensure a
different line of sight.
A schematic layout of the MGT system test bench, with the location of
the measurement points also indicated, is shown in Figure 4.2, while the CAD
model of the same test bench is shown in Figure 4.3
On the test bench, a high-pressure turbine drives a high-pressure compres-
sor, and the two act as a gas generator for a low-pressure and mechanically
independent power turbine. The power turbine is directly coupled to a low-
pressure compressor, with the former loaded through throttling the latter.
The useful work output of the power turbine was determined indirectly, as the
power absorbed by the driven low-pressure compressor.
The numbers 1 and 2 in the schematic layout denote the gas-generator
compressor inlet and outlet stations, 3 and 4 denote the gas-generator turbine
inlet and outlet stations, 4 and 5 denote the power turbine inlet and outlet
stations and 7 and 8 denote the low-pressure compressor inlet and outlet sta-
tions. The numbers 2 and 3 as well denote the combustion chamber inlet and
outlet stations. For consistency, the numbering in this schematic layout omits
station 6 (solar receiver outlet (see Figure 3.1)), as the experimental MGT
system test bench does not include a solar receiver.
The operation of the MGT system is based on the Brayton cycle. Ambient
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Combustion chamber













































Figure 4.3: CAD model of the MGT system test bench; 1. Valve 1, 2. Combustion
chamber, 3. Valve 5, 4. Valve 2, 5. Protective wire mesh grid, 6. Power turbine,
7. Low-pressure compressor, 8. Orifice 1, 9. Valve 3, 10. Orifice 2, 11. Valve 4,
12. Bellmouth, 13. Gas-generator compressor
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air is first compressed in the gas-generator compressor. The pressurised air
leaving the compressor is then raised to the desired gas-generator turbine inlet
temperature, through combusting fuel – in this case propane – in the com-
bustion chamber. The hot gases are then expanded; first in the gas-generator
turbine, to meet the compressor work requirement, and thereafter in the power
turbine, to generate useful shaft work. The power turbine exhaust gases are
then released to the atmosphere. The low-pressure compressor similarly com-
presses ambient air, before then exhausting it to the atmosphere.
For the piping and ducting, DN50 and DN100 stainless steel grade 304 hy-
gienic tubing, and corresponding 90◦ bends and equal tee-pieces were used.
The ducting at the outlets of both the combustion chamber and the gas-
generator turbine consisted of square to round ducts, manufactured from stain-
less steel grade 304 sheet metal. Care was taken to make these ducts as short
as possible, to minimise the pressure drop across them. The duct length was
kept at 100 mm, with the dimensions of the round/square sections constrained
by those of the components being joined.
The flanges used on the test bench included standard T1000 slip-on stain-
less steel flanges, as well as in-house manufactured flanges, with the latter used
for sections such as the orifice meters and the exhaust ducts. The flanged pip-
ing sections were fastened using a combination of standard stainless, electro
galvanised and black steel hexagonal head and cup screws and bolts, complete
with washers and nuts. For sealing purposes at the flanged piping sections,
gaskets cut from either 1.5 mm thick JMP6000 material or reinforced 2 mm
thick BAR-302 material were used, the former for the low-temperature (up to
200 ◦C) piping sections, and the latter for the high-temperature flanged piping
sections.
A key feature of solar-hybrid gas turbine systems is the requirement for
multiple usage of fast acting flow control and blow-off valves. The flow control
valves include air flow control valves, which re-direct the air flow during the
switch between solar and non-solar gas turbine operation modes, and fuel
control valves, which regulate the fuel supply. The blow-off valves vent the
solar heated air during load shedding/emergency shutdowns, to prevent gas
turbine rotor over speed. Similarly, the designed MGT system test bench has
five electro-pneumatically operated flow control valves (valve 1 to 5). These
valves comprise of three CONDOR BV3PS stainless steel ball valves and two
SLIM Series 300 butterfly valves. The valves were used to implement the MGT
system start-up sequence, regulate the fuel flow, and throttle the low-pressure
compressor.
The electro-pneumatic actuation of the valves was achieved using Air Torque
AT051U, AT201U and AT301U spring return pneumatic actuators, coupled to
Trewfit DT-S11 and Samson 3725 positioners. The pneumatic actuators re-
quired compressed air, supplied at a gauge pressure of 6 bar. The air supply
pressure was set using a Festo LFR-D-Mini pressure regulator. The positioners
required an analog signal input of 4 to 20 mA DC current. This current analog
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signal was supplied by both an NI 9265 analog current output module and an
NI 9263 analog voltage output module, with the latter wired to an AC/DC
Dynamics SIC1V signal converter. This signal converter converts a 0 to 10 V
DC voltage signal input to a 4 to 20 mA DC current signal output.
The MGT system was started using compressed air supplied by an existing
compressed air line. This air was first passed through the combustion chamber,
and then through the gas-generator turbine, which in turn drove the directly
coupled gas-generator compressor. The air supply pressure was regulated using
an STNC TRY-50 Series pressure regulator fitted to the compressed air line.
A Dingli QSL-50 air filter was also fitted to the compressed air line, to trap
foreign objects in the supplied air.
The MGT system could have been started using an electric motor driving
the gas generator compressor, but this would have introduced the added com-
plexity of having to alter the physical structure of the gas generator, in order
to successfully couple it to the starter motor. The use of compressed air had
the added advantage that the energy available to the gas-generator compressor
could be increased just by adding fuel and initiating combustion in the com-
bustion chamber. The additional energy allowed the gas-generator compressor
to draw sufficient air to maintain combustion, during the implementation of
the MGT system start-up procedure.
The lubrication of the bearings of the two turbochargers on which the
MGT system is based was achieved using an oil lubrication system designed
and built by Nieuwoudt (1987). This lubrication system is further described
in Subsection 4.1.4.
Safety features fitted to the test bench included a VYC 095 AP brass
PN16/25 safety relief valve and an emergency stop push button. The former
was fitted downstream of the high-pressure gas-generator compressor, and was
configured to open, as soon as the set maximum pressure of 350 kPa was
exceeded. The latter was used to perform emergency shutdowns of the MGT
system. Pushing the emergency stop button cut off the analog signal to the
valve actuators, which in turn switched the valves to their default fail-safe
mode. Depending on their status, valves 1 and 2 either remained closed, or
immediately closed, to stop air supply to the combustion chamber, valves 3
and 4 either remained open or immediately opened, to release any pressurised
air downstream of the compressors, and valve 5 either remained closed or
immediately closed, to shut off the fuel supply to the combustion chamber.
Additionally, protective wire mesh grids were fitted to the inlets of both
compressors. These safety grids prevented the compressors from sucking for-
eign objects, which could potentially damage the compressor blades.
4.1.1 Combustion chamber design
The combustion chamber of the MGT system is of a tubular type. A tubular
layout was chosen, because it’s relatively easy to develop, at low cost (Lefebvre
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Figure 4.4: Sectioned view of the designed tubular type MGT system combustion
chamber
and Ballal, 2010). A tubular type combustion chamber basically consists of a
cylindrical liner/flame tube mounted concentrically inside a cylindrical casing.
A sectioned view of the designed tubular type combustion chamber is shown
in Figure 4.4, with the main parts comprising of; 1. fuel supply line, 2. snout,
3. swirler, 4. dome, 5. flame tube, 6. casing, 7. nozzle, 8. diffuser.
The combustion chamber design was adapted from Hummel (2014), and the
design process similarly followed a simplified approach proposed by Conrado
et al. (2004), as well as the work of Lefebvre and Ballal (2010). The differ-
ent combustion chamber components were sized, using a combination of basic
geometry, air mass flow ratios and empirical equations found in literature.
The calculation of the design parameters of the combustion chamber was
performed in MATLAB 2017a, with the determined design parameters then
used as inputs to the development of the CAD model in Autodesk Inventor
2016. The sizing of the different combustion chamber components is discussed
as follows:
Casing and flame tube
The cross-sectional area of the cylindrical casing corresponds to the maximum
cross-sectional area of the combustion chamber. This cross-sectional area is


















where (∆Pcomb/qref) is the pressure loss factor, and is defined as the ratio of the
total pressure drop across the combustion chamber to the reference dynamic
pressure, while (∆Pcomb/P2) is the ratio of the total pressure drop across the
combustion chamber to the inlet total pressure, expressed as a percentage. A
typical value of 37 was assumed for the former, while a suitably low value of
4 % was assumed for the latter, both as suggested by Lefebvre and Ballal.
According to Conrado et al., the cross-sectional area of the flame tube Aft
can be estimated as 0.7 of Aref , with the casing diameter Dref and the flame
tube diameter Dft (see Figure 4.5) then calculated from the corresponding
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Figure 4.5: Combustion chamber inlet geometry (adapted from Conrado et al.,
2004)
cross-sectional area. The cross-sectional area of the annulus between the casing
and the flame tube Aan was calculated as the difference between the reference
area and the cross-sectional area of the flame tube.
Combustion chamber zones
The lengths of the different combustion chamber zones were estimated as frac-
tions of the obtained flame tube diameter, as suggested by Murthy (1988).
The length of the primary zone was estimated to be 0.8 of Dft, while that of
the secondary zone was estimated to be 0.4 of Dft, and that of the dilution
zone was estimated to be 1.4 of Dft. The total length of the flame tube was
then determined as the sum of the obtained combustion chamber zone lengths.
To determine the air distribution throughout the different zones of the
combustion chamber, the air mass flow rate required for complete combustion
in the primary zone had to first be estimated. Assuming a slightly lean fuel/air
mixture, with an equivalence ratio φ of 0.9, and taking the stoichiometric
air/fuel ratio for propane as 15.7, the primary zone air mass flow rate was
determined from
ṁpz = 15.7φṁf (4.2)
with the air distribution across the secondary zone then determined from the
difference between the total air mass flow rate and the primary zone air mass
flow rate.
Assuming a constant air velocity, the cross-sectional area at which the air








where the air distribution through the annulus ṁan was calculated as the
difference between the total air mass flow rate and the air mass flow rate
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admitted through the snout ṁs – the latter typically assumed to be half of the
primary zone air mass flow rate.
Diffuser
The design of the diffuser entailed firstly calculating its divergence angle ψ,

















with a typical value of 1 % assumed for the ratio of the diffuser pressure
drop to the compressor delivery pressure ∆Pdif/P2. From the known compressor
outlet pipe diameter D2, the casing diameter and the divergence angle of the
diffuser, the length of the diffuser was then determined, using basic geometry
(see Figure 4.5).
Snout
For the design of the snout, the cross-sectional area of the inlet of the snout







with the diameter of the inlet of the snoutDs then calculated from the obtained
inlet cross-sectional area. The length of the gap between the inlet of the diffuser





with the length of the snout then calculated as the difference between the
length of the diffuser and the length of the determined gap.
Swirler
A swirler was fitted into the dome, around the fuel injector, to create flow re-
circulation in the primary zone, in order to improve mixing. The recirculation
enables the mixing of part of the hot combustion gases with incoming air and
fuel (Lefebvre and Ballal, 2010). The swirler area Asw was calculated from
the following expression proposed by Knight and Walker (1957) and cited by
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where ∆Psw is the pressure drop across the swirler, and was assumed to be
3 % of the compressor delivery pressure. β is the swirl vane angle, and was
assumed to be 60◦. ṁsw is the mass flow rate through the swirler, and was
assumed to be 10 % of the total air mass flow rate. The swirler was designed
with flat vanes, mainly because they can easily be manufactured, at low cost
(Knight and Walker, 1957; Lefebvre and Ballal, 2010). Flat vanes also promote
a more stable flame, and reduce combustion noise. A flat vane concordance
factor Ksw of 1.3 was further assumed for the swirler. All the above assumed
values lie within the range of typical values proposed by Lefebvre and Ballal
(2010).






− 0.5nvtv (Dsw −Dhub) (4.8)
whereDhub is the fuel injector diameter, nv is the number of swirler vane blades
and and tv is the blade thickness. The swirler was designed with 8 vane blades,
of 0.9 mm thickness – optimum values suggested by Lefebvre and Ballal.
The length of the recirculation zone was then estimated to be twice the
determined swirler diameter. Care was also taken to ensure the recirculation
zone was shorter than the primary zone.
Dome
The inlet diameter of the dome was determined from the swirler diameter,
since the swirler was fitted into the dome. Both the snout and the dome were
fitted into the flame tube, and fastened to it using 1 mm diameter stainless
steel wire. The snout and dome exhaust diameters were therefore calculated
as the difference between the known flame tube diameter and the cumulative
sheet metal thickness of the snout and dome fitted inside it. The dome angle
was then determined using (Conrado et al., 2004)
θ = acos
−Dft (Dft − 2Dsw)− (Dft − 4Lrz)
√
D2ft − 4DftDsw + 4D
2
sw − 8DftLrz + 16L2rz
2D2ft − 4DftDsw + 4D
2
sw − 8DftLrz + 16L2rz

(4.9)






The desired air distribution amongst the different combustion chamber zones
is achieved through properly selecting the number, size and type of air admis-
sion holes for each zone. For ease of manufacturing, plain round holes were
chosen, rather than the more complicated plunged type. Although there are
no definitive guidelines for selecting an optimal number of flame tube holes,
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Table 4.1: Combustion chamber design parameters
Dref Dft Ds D0 Dsw Dhub Ddome Dh,pz Dh,sz Dh,dome L0 Ldome θ ψ
[mm] [mm] [mm] [mm] [mm] [mm] [mm] [mm] [mm] [mm] [mm] [mm] [◦] [◦]
123 103 18 70 31 15 98 5 13 4 25 20 59.5 21.6
a small number of large holes is generally selected, because large holes pro-
duce large jets and large-scale flow recirculations, which provide ample time
for combustion (Lefebvre and Ballal, 2010). For the primary zone, a single row
of 10 holes was laser cut into both the dome and the flame tube, while two
rows of 10 holes each were laser cut into the secondary zone.
The total hole area for each combustion chamber zone Ah was determined
from the air distribution through that zone, using the following basic equation




where C is the coefficient of discharge for each air admission hole. A value
of 0.6 was assumed for the hole coefficient of discharge, as experimentally
determined for plain round holes by Freeman (1965) and Kaddah (1964). ∆Ph
is the pressure drop across the holes. This pressure drop was assumed to be
equal to the total pressure drop across the flame tube.






where Nh is the total number of holes for each combustion chamber zone.
Fuel injector
The combustion chamber was also fitted with a fuel injector, which basically
consists of a fuel nozzle designed and manufactured in-house, and an 8 mm ID
stainless steel grade 304 tube. The design of the fuel nozzle was based on typi-
cal LPG gas fuel nozzles. Other components of the fuel supply system include
an in-house designed and manufactured venturi tube flow meter and a flow
control valve. The fuel supply system is further discussed in Subsection 4.1.3.
Nozzle
The final combustion chamber component was the nozzle. The length of the
nozzle was assumed to be 0.6 of Dft, as suggested by Murthy (1988). The noz-
zle’s inlet diameter was set to that of the flame tube, while its outlet diameter
was set to that of the exhaust duct of the combustion chamber.
The main combustion chamber design parameters are shown in Table 4.1.
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Material selection and manufacturing
The combustion chamber was manufactured from 0.9 mm thick stainless steel
grade 304 sheet metal. Grade 304 is the most versatile and widely used stain-
less steel grade, owing to its good corrosion resistance, mechanical properties,
weldability and chemical composition (Macsteel VRN, 2009). It’s maximum
permissible continuous service temperature of 925 ◦C is also higher than the
expected combustion chamber exhaust temperature.
CAD manufacturing drawings for all the individual combustion chamber
components were created in Autodesk Inventor Professional 2016. These com-
ponents were then mainly manufactured through laser cutting. Apart from
the dome and snout that were fastened to the flame tube using stainless steel
wire, the rest of the combustion chamber components were assembled using
gas welding. The use of wire allowed a provision to assemble/disassemble the
snout, and the dome and swirler fitted within it, whenever necessary. The
use of wire further allowed for thermal expansion within the front section of
the combustion chamber during normal operation, which wouldn’t be possible
with say a welded assembly. Eight stainless steel grade 304 sheet metal strips
were bent to the inner diameter of the casing, and welded onto the flame tube.
These metal strips ensured the flame tube stayed concentric within the casing.
Figure 4.6a shows the flame tube assembly, while Figure 4.6b shows the
assembled flame tube fitted inside the casing. The location of the electrodes,
as well as the ignition spark that was produced by the electrodes during the
test runs can also be seen. The dome, with the swirler fitted inside it, and the
fuel nozzle fitted into the swirler can additionally be seen.
4.1.2 Instrumentation
Differential pressure class meters
The different mass flow rates through the MGT system were measured using
differential pressure class meters. The air mass flow rate through the gas-
generator compressor was measured using a flow nozzle (bellmouth), while
that through the low-pressure compressor and that of the compressed air used
to start the MGT system was measured using orifice meters. The fuel mass
flow rate was measured using a Venturi tube.
The bellmouth was already available in-house, and only the orifice and the
Venturi tube meters needed to be designed and manufactured. Guidelines for
the design of these flow meters can be found in ASME PTC 19.5 (2004).
The orifice meters were designed within the pipe size and Reynolds num-
ber limits stipulated by the ASME PTC 19.5 Standard. The Venturi tube
was designed outside the stipulated throat diameter Reynolds number lim-
its – owing to the low fuel mass flow rates expected – and therefore had to
be calibrated. The calibration procedure for the Venturi tube is discussed in
Appendix A.3. The calibration procedure for the bellmouth can be found in
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Figure 4.6: Manufactured combustion chamber; (a) Flame tube assembly; 1. Snout,
2. Metal strip, 3. Flame tube, 4. Nozzle and (b) assembled flame tube fitted inside
the casing; 1. Casing, 2. Electrodes, 3. Flame tube
Struwig (2013). From the calibration, the bellmouth coefficient of discharge
was found to be asymptotic to 1, as expected. Struwig further generated an
exponential correlation between the bellmouth coefficient of discharge C and
the throat diameter Reynolds number Red,bm (see Equation 4.16).
Pressure transducers
The static gauge pressure at the upstream tap of the Venturi tube, the differen-
tial pressure across the Venturi tube, as well as the differential pressure across
the orifice meter downstream of the low-pressure compressor (orifice 2) were
all measured using Endress+Hauser Deltabar M PMD55 differential pressure
transducers. The differential pressure across the bellmouth was measured us-
ing an Endress+Hauser Deltabar S PMD75 pressure transducer. On the other
hand, the static absolute pressure at the gas-generator compressor outlet, the
low-pressure compressor outlet, and the combustion chamber outlet, as well
as the ambient pressure were all measured using HBM P8AP/10 bar absolute
pressure transducers, wired to HBM AE301 Clip amplifiers. These amplifiers
were configured for maximum measurement resolution, for the expected pres-
sure measurement range.
All the pressure transducers generated an analog voltage signal, which was
converted to a pressure reading by the data logger, using the corresponding
correlations generated from the calibration data. The specifications for all the
used pressure transducers are summarised in Table 4.2.
Stellenbosch University https://scholar.sun.ac.za
CHAPTER 4. DESIGN AND EXPERIMENTAL WORK 67
Table 4.2: Pressure transducer specifications
Station Transducer Span
diff E+H K9007321121 5 - 100 mbarVenturi tube
diff E+H KC00A021121 0.15 - 3 bar
diff E+H K9006B21121 0.05 - 1 barOrifice 2
abs HBM 173710065 0 - 10 bar
Bellmouth diff E+H FB00072109D 0.3 - 30 mbar
2 abs HBM 173710078 0 - 10 bar
3 abs HBM 143210119 0 - 10 bar
Ambient abs HBM 141410077 0 - 10 bar
Each of the pressure transducers was statically calibrated for its expected
pressure measurement range. The calibration procedure for the pressure trans-
ducers is discussed in Appendix A.
Temperature sensors
The temperature of the air at the gas-generator compressor inlet was mea-
sured using four J-type thermocouples fitted to the protective wire mesh grid
attached to the bellmouth. This type of thermocouple consists of a positive
iron wire and a negative alumel wire. It is popular and inexpensive, and is
commonly used in reducing or neutral atmospheres. It has an applicable mea-
suring range of 0 to 760 ◦C.
The temperature of the air at the outlet of the gas-generator compressor,
that of the compressed air used to start up the MGT system and that at
the outlet of the low-pressure compressor was measured using T-type ther-
mocouples. This type of thermocouple consists of a positive copper wire and
a negative constantan wire. It offers good stability, and is excellent for low
temperature applications in the range of −250 to +340 ◦C.
The temperature of the combustion gases leaving the combustion chamber
was measured using four K-type thermocouples. These thermocouples consist
of a positive chromel wire and a negative alumel wire. They are well suited
to the adverse conditions of combustion chamber testing, and can accurately
measure (within ± 5 K accuracy) combustion chamber outlet temperatures of
up to 1300 K, if special precautions are taken, such as providing an effective
thermal shield and bending the thermocouple probes such that they are parallel
with and in the direction of the flow (Saravanamuttoo et al., 2009; Beckwith
et al., 1993).
All the thermocouples were assumed to measure static temperature. In re-
ality, they were most likely measuring a recovery temperature, which is some-
where between the static and stagnation temperature, assuming no wall heat
transfer.
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The thermocouples were all calibrated for their expected temperature mea-
surement range, except the high-temperature K-type. The K-type thermocou-
ples could only safely be calibrated to a maximum temperature of 650 ◦C, owing
to limitations with the set-up of the calibrator. The calibration procedure for
the thermocouples is discussed in Appendix A.
Similar to the modeling work, relative humidity (or wet bulb temperature)
was not considered for the experimental work.
Speed sensors
The rotational speeds of the gas generator and the power turbine were mea-
sured using Micro-Epsilon turboSPEED DZ140 speed sensors [model number
4150028, serial numbers 4994 & 4634]. For the gas generator, the speed sen-
sor was mounted in the volute of the gas-generator compressor, while for the
power turbine, the speed sensor was mounted in the volute of the low-pressure
compressor.
The speed sensors use the eddy-current measuring principle, where a coil
housed within a proximity sensor is energized by a high frequency alternating
current. The electromagnetic field from the coil generates eddy current in a
passing-by turbocharger blade, resulting in the blade generating a pulse. The
controller then determines the rotational speed (analog 0 to 5 V), based on
the specified number of blades (Micro-Epsilon, 2014).
The mode (speed, sensitivity and test signal) and number of blades can be
set on the speed sensors. A mode of 5 (low sensitivity) and a blade number
of 14 was set on the controllers of both speed sensors, the latter to guarantee
the best immunity to interference, while the former is the number of blades
on either compressor impeller. The selected mode also corresponded to a
rotational speed measuring range of 200 to 200 000 rpm.
The speed sensors required an input DC voltage of 9 to 30 V (set to 24 V).
This voltage was supplied by a Metronix 545B regulated DC power supply.
4.1.3 Fuel supply system
The MGT system runs on propane. The fuel supply system consists of a Ven-
turi tube differential pressure class meter connected in line with an electro-
pneumatically controlled DN10 Condor stainless steel flow control ball valve
(valve 5), with the latter downstream of the former (see Figure 4.7), as sug-
gested by the ASME PTC 22 Standard. The Venturi tube was manufactured
from brass, and care was taken to smoothly finish it on the inside.
The static pressure of the fuel was measured at the flow meter, on the
upstream side of the flow meter, also as suggested by the ASME PTC 22
Standard. Similarly, the static temperature of the fuel was measured upstream
of the flow meter, right before the metering run pipe, to avoid disturbing the
flow profile.
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Figure 4.7: Fuel supply system; 1. Fuel, 2. High-pressure regulator, 3. Temperature
tap, 4. Flow meter, 5. Valve 5
The fuel was stored in a 45 kg gas cylinder, and the fuel supply pressure
was regulated using a CF103 high-pressure regulator fitted to the cylinder.
This pressure regulator has a gauge pressure operating range of 0 to 200 kPa.
During the commissioning of the MGT system, it was observed that the fuel
flow increased with increasing fuel supply pressure. The fuel supply pressure
was therefore set to the maximum possible value of 200 kPa, for all the MGT
system test runs.
The ignition of the air/fuel mixture in the combustion chamber was achieved
using two 10 mm OD ceramic ignition electrodes, fitted within the combustion
chamber primary zone, and positioned 70◦ circumferentially relative to each
other, and with their tips at the centerline of the flame tube (see Figure 4.6b).
There is no definitive guideline on the optimum air gap between the electrode
tips. From the preliminary testing of the operability of the electrodes, an air
gap of 5 mm was found sufficient.
The location of the electrodes within the primary zone was to ensure that
the hot kernel of gas created by the ignition spark is returned upstream by
the flow recirculation, thus improving mixing and combustion. The electrodes
required an input voltage of 240 V, which was supplied by a Fida 26/30 100 %
duty cycle ignition transformer.
4.1.4 Lubrication system
A lubrication system designed and built by Nieuwoudt (1987) was employed to
lubricate, and cool the bearings of the two turbochargers on which the MGT
system is based. Both these turbochargers have a set of twin hydrodynamic
journal bearings and end thrust bearings.
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The lubrication system consists of a gear pump capable of delivering an
oil mass flow rate of 16 l/min, at a rotational speed of 1460 rpm. The pump
is driven by a 0.75 kW/5A rated motor. The type of lubrication oil used was
15W40 multigrade diesel engine oil. This oil was stored in a 20 litre tank,
fitted with both an oil supply line and an oil return line. A 2 kW low-intensity
electric heating element is fitted through the side of the oil tank, to heat
the supply oil to a temperature and viscosity suitable for optimal lubrication.
The oil supply temperature is manually set using a thermostat. Two T-type
thermocouples are fitted into the oil tank, one on the oil supply side and
the other on the oil return side. The temperature measurements taken at
these two locations are monitored during operation, to ensure a uniform oil
temperature throughout the lubrication system. The oil supply pressure is set
by throttling a flow control valve, using a knob fitted to the control panel of
the lubrication system. The oil supply pressure is displayed using an analog
pressure gauge, similarly fitted to the control panel of the lubrication system.
The final component on the lubrication system is a bypass valve, which is used
to circulate the heated oil through the lubrication system, without passing it
through the turbocharger, until the right oil supply temperature is achieved.
Because the lubrication system was designed to lubricate a single tur-
bocharger, it had to be modified, to make it suitable for use with the MGT
system. Information on the lubrication requirements for the two turbochargers
was obtained from the OEM (see Figure 4.8). The smaller K31 turbocharger
has a lower oil volumetric flow rate requirement than the much bigger K44
turbocharger, for the same oil supply temperature and pressure.
Modifications to the lubrication system included adding a second oil supply
line, and another oil return line. A throttling valve was also added to the oil
supply line of the K31 turbocharger, to ensure a lower oil mass flow rate
to it, in comparison to that of the K44 turbocharger. An analog pressure
gauge was additionally fitted at the inlet of the bearing housing unit of the
K31 turbocharger. A positive pressure reading at this location indicated that
the bearing unit of this turbocharger was being lubricated, regardless of the
constriction introduced by the throttling valve.
The lubrication system isn’t equipped with an oil flow meter. In order to
verify that the bearing housing units of the two turbochargers were receiving
sufficient oil, at a given oil supply gauge pressure and temperature, rudimen-
tary flow tests were performed. For varying oil supply gauge pressures and
temperatures, lubrication oil was pumped to the bearing housing units of the
two turbochargers, and then drained into two transparent 5 litre cans.
From the rudimentary tests, it was observed that an oil supply gauge pres-
sure of 240 kPa – which dropped down to about 200 kPa at the inlet of the
bearing housing unit of the K31 turbocharger – and an oil supply tempera-
ture of 50 ◦C ensured a steady supply of lubrication oil to both turbochargers.
These conditions were therefore maintained throughout the testing of the MGT
system.
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(a) K31 (b) K44
Figure 4.8: Lubrication requirements for the turbochargers (Heuer, 2016)
4.1.5 Data acquisition system
The recording of the measurements taken, and the actuation of the flow control
valves were achieved using an eight-slot National Instrument CompactDAQ
9172 (NI cDAQ-9172) USB chassis, and seven C Series input/output (I/O)
modules inserted in the chassis’ slots. The NI cDAQ-9172 chassis has the
ability to measure a broad range of analog and digital I/O signals, using a
Hi-Speed USB 2.0 interface (National Instruments, 2008).
The measurement sensors and the valve actuators were wired directly to
individual channels on the relevant modules. The thermocouples were wired
to two NI 9213 analog input (AI) modules with spring-terminal connectors.
The NI 9213 is a 24 Bit AI module, with 16 dedicated thermocouple channels.
It has a maximum aggregate sampling rate of 75 S/s and an analog voltage
signal input range of ± 78 mV. This module can be configured for each type of
thermocouple, and it converts the analog voltage signal from the thermocouple
into a temperature reading, using built-in polynomial functions. Each deter-
mined temperature was then corrected using the linear correlation generated
from the calibration of the corresponding thermocouple.
Two of the pressure transducers were wired to an NI 9215 with BNC con-
nectivity AI module, while the other six were wired to an NI 9207E with DSUB
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connectivity AI module. The NI 9215 is a 4 channel, 16 Bit AI module, with a
maximum simultaneous sampling rate of 100 kS/s, per channel and an analog
voltage signal input range of ± 10 V. The NI 9207E is a 16 channel (8 voltage
and 8 current), 24 Bit AI module, with an analog voltage and analog current
signal input range of ± 10 V and ± 22 mA, respectively. Only the voltage
analog input channels of the NI 9207E module were used.
Similar to the pressure transducers, the speed sensors were wired directly
to an NI 9215 with screw terminal connectivity AI module. All the AI modules
were configured to read 10 samples, at a rate of 1 kHz, while the AO modules
were configured to generate 1 sample, on demand.
The host computer was a Lenovo B560 laptop, which was connected to
the NI cDAQ-9172 chassis via a USB cable. LabVIEW 2015 and NI-DAQmx
software was installed on the laptop. The latter was used to access all the
analog I/O channels that were in-use, while the former was used to build a
user interface to operate the experimental MGT system, as well as take the
required measurements. LabVIEW displays two windows; the front panel and
the block diagram. The front panel is the user interface, and it consists of
controls and indicators. The block diagram consists of virtual instruments
(VI)s and structures that use written code to control the front panel objects.
The AI/O module channels were configured to either acquire or generate
analog signals using DAQ Assistant Express VIs on the block diagram. These
VIs were also used to convert acquired analog signals from the different sensors
to measurements of performance parameters. The MGT system was operated,
and the taken measurements were displayed in real-time using front panel
containers. Snippets of the built block diagram (see Figure B.1) and the front
panel containers (see Figures B.2a to B.2e) can be found in Appendix B.
The experimental MGT system test bench is shown in Figure 4.9.
4.2 Experimental procedure
The experimental procedure initially involved determining a suitable start-up
procedure for the MGT system. Thereafter, two test runs were performed, to
determine the full operating range of the MGT system. The test runs were
performed in succession, and on the same day, in order to minimise variation
in the test conditions.
The MGT system was started using compressed air supplied by an existing
compressed air line. The start-up procedure involved manipulating the flow
control valves; valve 1, to regulate the flow of the compressed air used to
start the MGT system, valve 2, to prevent the supplied compressed air from
imposing a back pressure on the gas-generator compressor, valve 3, to bleed-off
pressurised air from the gas-generator compressor until proper combustion is
achieved, and valve 5, to regulate the fuel flow.
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Figure 4.9: Experimental MGT system test bench; (a) Front view; 1. Lubrication
system, 2. Valve 1, 3. Combustion chamber, 4. Electrodes, 5. Safety relief valve,
6. Valve 4, 7. Valve 5, 8. Data logger, 9. Emergency stop push button. (b) Side view;
1. Compressed air supply line, 2. Fuel, 3. Power turbine, 4. Low-pressure compressor,
5. Orifice 1, 6. Valve 2, 7. Valve 3, 8. Orifice 2, 9. Bellmouth, 10. Gas-generator
compressor, 11. Air filter
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Before the MGT system could be operated, some initial checks had to be
performed. These checks included:
• Check that all piping, tubing, fittings and connections are firmly fitted
and secure.
• Check that all electrical connections are secure and fully insulated.
• Check that all rotating parts are tightly fastened and fully enclosed by
their protective casings.
• Open the labVIEW graphical user interface (GUI), and check that all
instrumentation on the test bench is properly functioning.
• Check that all valves are closed, except valves 3 and 4 (see Figures 4.2 and
4.3), which should in this case be fully open. The closed valves include
the oil by-pass valve and the compressed air supply main shut-off valve.
• Check that all personal protection equipment (PPE) necessary to per-
form the experiments is properly worn, and that all the necessary safety
signs are in place.
On satisfactory completion of the checks, the proceeding MGT system
start-up procedure was followed:
• Switch on the oil pump of the lubrication system, and set the oil supply
temperature to 50 ◦C.
• Once the desired oil supply temperature has been attained, fully open
the oil by-pass valve, and set the oil supply gauge pressure to 240 kPa.
This ensures the oil circulates through the bearing units of the two tur-
bochargers. Keep monitoring the oil supply and return temperature, as
well as the oil supply pressure, and ensure the pre-set values are main-
tained.
• Set the valve actuation gauge pressure to 6 bar, and fully open valve 1.
Open the main shut-off valve on the compressed air line, and gradually
increase the mass flow rate of the compressed air until a gas-generator
compressor rotational speed of 15 000 rpm is achieved. Keep monitoring
the oil supply and return temperature, as well as the oil supply pressure.
• Switch on the power supply to the electrodes, set the fuel supply gauge
pressure to 200 kPa, and then gradually open the fuel flow control valve 5,
while carefully listening for an indication of successful ignition – generally
achieved at a fuel mass flow rate of about 0.002 kg/s
• Quickly close – in increments of about 30 % – valve 3, whilst quickly
opening valve 2.
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• As soon as valve 3 is fully closed, and valve 2 is fully open, quickly close
valve 1. Monitor the combustion, and if necessary add fuel to maintain
proper combustion.
Once valves 1 and 3 were fully closed, and valve 2 was fully open, the MGT
system was able to run self-sustainably. The MGT system test runs could then
be performed.
Performing a test run involved slightly increasing the fuel flow, and after
allowing for stabilisation – indicated by the measurement readings displayed on
the front panel containers staying constant – recording the taken measurement
readings. This process was repeated, varying the degree of opening of the
fuel flow control valve each time. The testing range of the MGT system was
limited by the maximum allowable turbine inlet temperature stipulated by the
turbocharger OEM. The recorded measurements were considered the no-load
conditions of the MGT system.
The power turbine was meant to be loaded through gradually throttling the
directly coupled low-pressure compressor, using valve 4. For varying degrees
of closing of valve 4, the fuel mass flow rate was to be adjusted, until the
desired gas-generator no-load speed was attained. Preliminary tests showed
that valve 4 would need to be almost closed, to observe a significant change in
the gas-generator rotational speed. It was considered un-safe to run the MGT
system this way, and therefore the loading of the MGT system was abandoned.
Despite the unsuccessful loading tests, the observed insensitivity of the
MGT system to load variation should be advantageous, especially during crit-
ical transient situations, such as emergency shutdowns and load shedding. Ac-
cording to Saravanamuttoo et al. (2009), the running line for a twin-shaft gas
turbine system is independent of the load, and only depends on the swallowing
capacity of the power turbine. Owing to its size, the power turbine places min-
imal flow restriction on the much smaller gas-generator turbine fitted upstream
of it, even with the addition of load.
Normal shutdown of the MGT system entailed cutting off the fuel supply
by immediately closing Valve 5, quickly opening valve 3, while simultaneously
closing valve 2. On completely closing valve 2, and fully opening valve 3, valve
1 was then fully opened, to allow cool air from the compressed air line to cool
down the MGT system. The oil supply and return temperature and the oil
supply pressure were then monitored, and once the pre-set values were reached,
the compressed air was shut-off and the oil lubrication pump was switched off,
signalling the end of a test run.
4.3 Measured and calculated parameters
In order to characterise the performance of the MGT system, some primary
measurements of physical quantities, such as pressure, temperature and rota-
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tional speed had to be taken. Typical MGT system performance parameters,
such as the gas-generator TIT, air and fuel mass flow rates, useful work out-
put, specific fuel consumption and cycle thermal efficiency were then calcu-
lated from these measurements. Similar to the modeling calculations, ambient
stagnation conditions were assumed at the inlet of both the gas-generator com-
pressor and the low-pressure compressor.
The air mass flow rate through the gas-generator compressor was calculated
from the measured ambient pressure, the mean air temperature measured at
the inlet of the bellmouth, and the measured differential pressure across the
bellmouth.






where ρ is the density of the air sucked through the bellmouth, and was cal-
culated from the measured ambient pressure and mean air temperature at the
inlet of the bellmouth, using the ideal-gas equation of state. Vbm is the air







where ∆P is the measured differential pressure across the bellmouth and β is
the bellmouth throat to pipe diameter ratio d/D, with D  d.
The term µ in Equation 4.13 is the dynamic viscosity of the air sucked thro-
ugh the bellmouth, and was calculated using the following expression generated
from ideal-gas property data for air, found in Cengel and Cimbala (2010)
µ = 7× 10−15T 3 − 3× 10−11T 2 + 7× 10−8T + 3× 10−7 (4.15)
where T is the mean air temperature measured at the inlet of the bellmouth.
The coefficient of discharge C of the bellmouth was then calculated as a
function of the bellmouth throat diameter Reynolds number Red,bm, using the




with the air mass flow rate through the gas-generator then calculated using










where ε is the expansion factor, and was assumed to equal to unity (Struwig,
2013).
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The fuel mass flow rate was similarly calculated using the general equa-
tion for the mass flow rate through a differential pressure class meter (Equa-
tion 4.17). From the calibration of the Venturi tube flow meter (see Ap-
pendix A.3), the coefficient of discharge was found to be approximately equal
to unity. The expansion factor of the Venturi tube flow meter was calculated
















where r is the ratio of the static pressure at the downstream tap of the Ven-
turi tube flow meter, to that measured at the upstream tap, with the former
calculated as the difference between the latter, and the measured differential
pressure across the Venturi tube. β is the venturi tube throat to pipe diam-
eter ratio d/D, with the change in both d and D due to thermal expansion
or contraction – resulting from changing flow conditions – considered negli-
gible. γ is the specific heat ratio of propane gas, and was calculated using
Equation 3.44, with the mean ideal-gas specific heat at constant pressure of
propane (in kJ/kmolK) calculated using the following third-order polynomial
approximation suggested by Cengel and Boles (2011)
cp = 31.74× 10−9T 3 − 15.72× 10−5T 2 + 30.48× 10−2T − 4.04 (4.19)
where T is the measured supply temperature of the propane.
The density of the propane (in Equation 4.17) was calculated from the
static pressure measured at the upstream tap of the Venturi tube and the
measured supply temperature of the propane, using the ideal-gas equation of
state.
The air mass flow rate through the low-pressure compressor coupled to the
power turbine and that of the compressed air used to start the MGT system
were measured using D and D/2 tap orifice meters. These mass flow rates were
similarly calculated using the general equation for the mass flow rate through
a differential pressure class meter (Equation 4.17).
The ASME PTC 19.5 Standard suggests the following empirical formu-
lation for calculating the coefficient of discharge for D and D/2 tap orifice
meters







Substituting for the ratio of the orifice bore to pipe diameter β, Equation 4.20
reduced to




for the orifice meter used to measure the air mass flow rate of the compressed
air used to start the MGT system (orifice 1), while that for the orifice meter
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installed downstream of the low-pressure compressor (orifice 2) reduced to









Similarly, the ASME PTC 19.5 Standard suggests the following expression







Substituting for β, Equation 4.24 reduced to
ε = 1− 0.4781∆P
γP
(4.25)
for orifice 1, while that for orifice 2 reduced to
ε = 1− 0.4930∆P
γP
(4.26)
where ∆P is the measured differential pressure across the orifice meter, while
P is the static pressure measured at the upstream tap of the orifice meter.
The coefficient of discharge for the orifice meters was obtained iteratively. A
value of 0.6 was initially guessed, and a corresponding mass flow rate was calcu-
lated (using Equation 4.17). From the calculated mass flow rate, a Reynolds
number was then calculated. From the calculated Reynolds number, a new
coefficient of discharge was calculated (using Equations 4.21 and 4.22), and
compared to the initial guess. This iterative process was repeated, until the
difference between successive calculated coefficients of discharge was less than
0.0001, signifying that convergence of the coefficient of discharge, and the cor-
responding mass flow rate had been achieved.
Code was written in the block diagram, firstly, to convert all the acquired
analog signals from the sensors to measurement readings, and then, to perform
all the aforementioned calculations (see Figure B.1). The iteration for the
coefficient of discharge was achieved using a feedback node loop. Information
on all the other measured and calculated parameters was only passed out of the
loop, and written to an Excel R○ .xlsx file for post processing, after convergence
of the coefficients of discharge for the two orifice meters had been achieved.
The post processing involved averaging the obtained test data, and de-
termining the corresponding standard deviation, for every degree of opening
for the fuel flow control valve (valve 5). Each degree of opening for the fuel
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flow control valve also corresponded to a test point for the MGT system. The
averaged test data was used to determine the equilibrium running point for
the experimental MGT system; characterised by parameters such as the gas-
generator compressor total-to-total pressure ratio, non-dimensional mass flow
rate and speed, and total-to-total isentropic efficiency. From the obtained
equilibrium running point, the corresponding MGT system performance pa-
rameters such as the gas-generator TIT, specific fuel consumption, useful work
output and cycle thermal efficiency were determined.
The gas-generator compressor total-to-total pressure ratio P02/P01 was cal-
culated from the absolute static pressure and the mean static temperature
measured at the outlet of the gas-generator compressor, in addition to the
measured ambient pressure – assuming a negligible non-recoverable pressure
loss downstream of the bellmouth. From the absolute static pressure mea-
sured at the outlet of the gas-generator compressor P2, the total pressure at
the outlet of the gas-generator compressor P02 was calculated using the ideal-







with the total temperature at the outlet of the gas-generator compressor T02
calculated from the mean static air temperature measured at the outlet of the
gas-generator compressor T2, using




where V2 is the air velocity at the outlet of the gas-generator compressor, and





where ṁa is the air mass flow rate through the gas-generator compressor, and
d2 is the pipe diameter at the outlet of the gas-generator compressor.
The non-dimensional mass flow rate of the gas-generator compressor ṁ
√
T01/P01
was calculated from the determined air mass flow rate through the gas-generator
compressor, and the measured ambient pressure and the mean air temperature
at the inlet of the bellmouth.
The gas-generator compressor non-dimensional speed N/√T01 was calculated
from the measured gas-generator compressor rotational speed and the mean
air temperature at the inlet of the bellmouth.
The total-to-total isentropic efficiency of the gas-generator compressor was
calculated from the determined gas-generator compressor pressure ratio, the
mean air temperature at the inlet of the bellmouth, and the temperature rise
in the gas-generator compressor, using Equation 3.29.
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The stagnation gas-generator TIT T03 was determined from the mean static
temperature measured at the outlet of the combustion chamber T3, using




where cp,g is the specific heat at constant pressure of the combustion gases,
and was calculated using Equation 3.45. V3 is the velocity of the combustion
gases at the outlet of the combustion chamber, and was calculated from
V3 =
4 (ṁa + ṁf )RT3
P3πd23
(4.31)
The useful work output of the power turbine was determined indirectly, as
the power absorbed by the low-pressure compressor directly coupled to it (see
Section C.4). This indirect method was chosen for this study, because the K44
turbocharger on which the power turbine is based was supplied with a compres-
sor. However, this indirect method is less accurate than direct methods, such
as, coupling the power turbine to either a dynamometer or a generator, and
either directly measuring the torque exerted onto these devices by the power
turbine or directly measuring the electrical power at the generator terminals
(Brun and Nored, 2009).
The power absorbed by the low-pressure compressor was given by
Ẇc = ṁacp,a (T08 − T07) (4.32)
where T08 is the stagnation temperature at the outlet of the low-pressure com-
pressor, and was calculated from the mean static temperature measured at the
outlet of the low-pressure compressor, using










where ṁa is the air mass flow rate through the low-pressure compressor, and
d8 is the pipe diameter at the outlet of the low-pressure compressor.
T07 is the stagnation temperature at the inlet of the low-pressure compres-
sor. This temperature was assumed to be equal to the mean ambient tem-
perature measured at the inlet of the gas-generator compressor. In addition,
Equation 4.32 assumes an adiabatic compression process.
The specific fuel consumption of the MGT system was calculated from the
determined useful work output of the power turbine, and the calculated fuel
mass flow rate, using Equation 3.59.
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The total cycle thermal energy input was calculated using Equation 3.55,
while the cycle thermal efficiency was calculated using Equation 3.60.
To ensure aerodynamic similarity between the predicted and the experi-
mentally determined performance, the performance parameters of the exper-
imental MGT system were corrected to standard ISO reference conditions of
pressure Pref and temperature Tref of 101.325 kPa and 15 ◦C, respectively (ISO































Gas turbine performance is typically corrected to specified reference con-
ditions, using both multiplicative and additive correction factors. These cor-
rection factors are obtained from site specific correction curves supplied by
gas turbine manufacturers. The generation of the correction curves though
requires extensive testing of the gas turbine systems, at variable ambient con-
ditions.
4.4 Uncertainty analysis
A key requirement in the planning and execution of experiments is to minimise
the measurement error. Uncertainty or error analysis is used to estimate a
bound on the measurement error, with a defined level of confidence.
Errors can generally be classified as either systematic or random. System-
atic errors, also referred to as bias errors, are consistent for each successive
measurement. Their lack of distribution means they cannot be analysed using
statistical tools. However, they can be estimated using the knowledge of the
rated performance (accuracy, resolution, precision, et cetera) of the measur-
ing instruments, and how well the instruments were calibrated. In contrast,
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random errors, also referred to as precision errors, vary with each successive
measurement, showing a distribution about a mean value. They can therefore
be estimated using statistical techniques, if enough measurements are taken
(Beckwith et al., 1993).
Before the uncertainty bounds could be estimated, the possible sources of
error in the measured or calculated MGT system performance parameters had
to be identified. The uncertainty analysis considered measured parameters,
such as the gas-generator TIT and rotational speed, and calculated parameters,
such as the air and fuel mass flow rates.
The uncertainty analysis only considered MGT system performance pa-
rameters that could be experimentally determined with reasonable accuracy.
The uncertainty limits for the performance parameters that were found to be
greatly deviating from the predicted values were ignored (see Table 4.4).
Gas-generator TIT uncertainty
The static temperature of the combustion gases exiting the combustion cham-
ber was measured using four unshielded K-type thermocouples fitted into a
stainless steel rectangular flange, with the flange then fitted between the out-
let of the combustion chamber and the inlet of the gas-generator turbine. The
static gas-generator TIT was determined as the arithmetic mean of the four
individual static temperature measurements taken.
Combustion gases at the outlet of a combustion chamber experience spa-
tial variations, including non-uniform temperature and velocity profiles, and
varying flow angle and composition (ASME PTC 22, 2014). These spatial vari-
ations were a possible source of bias error in the measured static gas-generator
TIT.
Furthermore, when an unshielded thermocouple is used within a fast mov-
ing gas stream at elevated temperature, the temperature recorded by the hot
junction of the thermocouple usually differs from that of the gas stream, owing
to radiation and conduction effects. Radiation of heat from the hot flame to
the thermocouple junction, and from the junction to the exhaust duct walls
or vice versa results in the thermocouple indicating a temperature different
to that of the gas stream. Similarly, conduction of heat from the hot ther-
mocouple junction, along the thermocouple probe and through the connecting
fittings results in a temperature reading different to that of the gas stream.
The radiation error is highly dependent on the heat transfer coefficient of
the thermocouple probe. According to Saravanamuttoo et al. (2009), the use of
a completely unshielded thermocouple can result in a radiation error of about
60 K, for a temperature measurement of 1300 K. References, such as Bergman
et al. (2011) give worked examples of how this error can be estimated.
The presence of a thermocouple in a fast moving gas stream also impedes
the flow. The lost kinetic energy is converted to heat, which in turn raises
the temperature of the thermocouple junction. The resultant temperature
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difference between the thermocouple junction and the gas stream can be as
high as 200 ◦C (Beckwith et al., 1993).
It was also noted earlier that the K-type thermocouples could only safely be
calibrated to a maximum temperature of 650 ◦C. This temperature was below
the static temperatures actually measured at the combustion chamber outlet
during the tests. Therefore, all the temperature measurements had an inherent
bias error, resulting from the use of the thermocouples outside their calibration
range. The bias uncertainty in the measured static gas-generator TIT was
estimated to be equal to ± 0.75 %, which is the measurement uncertainty
limit for K-type thermocouples (Beckwith et al., 1993).
The precision uncertainty in the static gas-generator TIT was determined
from the sample measurements of static temperature taken, and the corre-
sponding sample mean and standard deviation. The precision uncertainty
was reduced by sampling from four static temperature measurement points
located in a plane perpendicular to the flow. According to the ASME PTC
22 Standard, uncertainty in the measured temperature of a high-temperature
fast moving gas stream can be minimised either by sampling from at least
four, and up to sixteen temperature measurement points located in a plane
perpendicular to the flow, or by using advanced calculation methods, such as
flow/velocity weighting and flow angle compensation. In addition, the use of
chromel-alumel (K-type) thermocouples, with proper thermal shielding, and
with about 2 to 3 cm of the thermocouple probes bent parallel with and in the
direction of flow can reduce the error due to radiation and conduction effects
(Saravanamuttoo et al., 2009; Beckwith et al., 1993). To address stagnation
effects, it is recommended to use stagnation temperature probes. They are rel-
atively easy to manufacture, and can easily be shielded from the vast majority
of viewing angles of the flame portions of the flow.
Gas-generator rotational speed uncertainty
The rotational speed of the gas generator was measured using a Micro-Epsilon
turboSPEED DZ140 speed sensor, with a rated linearity of ± 0.2 % of the full
scale output (set to 200 000 rpm) (Micro-Epsilon, 2014). The speed sensor was
not calibrated, as there was no suitable standard to calibrate it against. The
bias uncertainty in the measured rotational speed was therefore assumed to be
equal to the linearity rating of the sensor.
The rotational speed was sampled several times, for each test point, with
the recorded sample speeds then averaged and the sample standard devia-
tion also determined. The obtained data was used to estimate the precision
uncertainty in the measured rotational speed.
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Mass flow rate uncertainty
The air and fuel mass flow rates through the MGT system were calculated
using the general equation for the mass flow rate through a differential pressure
class meter (Equation 4.17). The total uncertainty in the calculated mass flow
rates was determined as the root-sum-square of the uncertainty due to bias and
precision error, in both the measured and the assigned independent parameters
involved in the mass flow rate equation.
For the calculation of the mass flow rate of the air drawn into the gas-
generator compressor, the measured independent parameters included the dif-
ferential pressure across the bellmouth, ambient pressure, the mean static tem-
perature at the inlet of the bellmouth and the pipe and throat diameters of
the bellmouth. Assigned independent parameters included the coefficient of
discharge and the expansion factor.
The differential pressure across the bellmouth was measured using an En-
dress+Hauser Deltabar S PMD75 pressure transducer. The manufacturer
specifies a total bias error of ± 0.77 % of the upper range limit (30 mbar)
for this transducer (Endress+Hauser, 2014). The pressure at the inlet of the
bellmouth was assumed to equal to ambient pressure, which was measured
using a 0.3 % accuracy class HBM P8AP/10 bar absolute pressure transducer.
The static temperature at the inlet of the bellmouth was measured using four
J-type thermocouples with a measurement uncertainty limit of 0.6 ◦C (Beck-
with et al., 1993). The thermocouples were fitted circumferentially around the
protective wire mesh grid attached to the inlet of the bellmouth, and spaced
90◦ apart, as suggested by the ASME PTC 22 Standard. The air temperature
at the inlet of the bellmouth was calculated as the arithmetic mean of the four
individual temperature measurements taken.
To estimate the precision uncertainty in the calculated air mass flow rate,
the ambient pressure, the static temperature at the inlet of the bellmouth,
and the differential pressure across the throat of the bellmouth were sampled
several times for each test point, with the precision uncertainty then estimated
from the determined sample mean and standard deviation.
The bellmouth throat and pipe diameters were measured using a vernier
caliper with a linear analog readout scale. The diameters were measured once-
off, with the obtained values then used for every subsequent air mass flow rate
calculation. Therefore, error in the measurement of the diameters contributed
to bias uncertainty in the calculated gas-generator compressor air mass flow
rate. This bias uncertainty was assumed to be ± 0.1 mm. The change in the
diameters due to thermal expansion or contraction was considered negligible,
which could result in precision error in the calculated air mass flow rate.
Similarly, the assigned parameters only contributed to bias uncertainty in
the calculated gas-generator compressor air mass flow rate. The bias uncer-
tainty in the calculated discharge coefficient was estimated as ± 1 %, a value
suggested by ASME PTC 19.5 (2004) for low β nozzles. The ASME PTC 19.5
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Standard similarly suggests determining the bias uncertainty in the calculated
expansion factor using 4∆P/P , expressed as a percentage.
For the calculation of the fuel mass flow rate, the measured independent
parameters included the differential pressure across the throat of the Venturi
tube, static gauge pressure and temperature at the inlet of the Venturi tube
and the pipe and throat diameters. Assigned independent parameters included
the coefficient of discharge and the expansion factor.
The differential pressure across the throat of the Venturi tube, and the
static gauge pressure at the inlet of the Venturi tube were both measured using
Endress+Hauser Deltabar M PMD55 differential pressure transducers, with
total bias errors ± 0.39 % of the upper range limit (100 mbar) and ± 0.18 % of
the upper range limit (3 bar), respectively (Endress+Hauser, 2016). The static
temperature at the inlet of the Venturi tube was measured using a single T-
type thermocouple, with a measurement uncertainty limit of 0.6 ◦C (Beckwith
et al., 1993).
Similar to the bellmouth, the venturi tube pipe and throat diameters were
measured once-off, using a vernier caliper with a linear analog readout scale.
Therefore, the bias uncertainty in the measured diameters was assumed to be
± 0.1 mm.
For the assigned parameters, the bias uncertainty in the calculated dis-
charge coefficient was estimated as ± 0.70 %, a value suggested by ASME
PTC 19.5 (2004) for an uncalibrated Venturi tube. The bias uncertainty in
the calculated expansion factor was similarly given by 4∆P/P , expressed as a
percentage.
To estimate the precision uncertainty in the calculated fuel mass flow rate,
the static pressure and temperature at the inlet of the Venturi tube, and the
differential pressure across the throat of the Venturi tube were sampled several
times for each test point, and the precision uncertainty was estimated from
the determined sample mean and standard deviation.
The preceeding analysis is implemented in Section C.3. The applied equa-
tions were adapted from ASME PTC 19.1 (2006), and are similarly presented
in the same Section.
4.5 Experimental results and analysis
4.5.1 Experimental validation
To validate the predicted performance of the MGT system against the ex-
perimentally determined performance, the developed standard MGT system
model presented in Chapter 3 had to be modified in two aspects; the combus-
tion chamber pressure drop model and the considered ambient conditions. The
combustion chamber pressure drop was modeled based on the actual pressure
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Figure 4.10: Pressure drop across the combustion chamber vs inlet volume flow
rate
drop measured across the combustion chamber during the testing of the MGT
system.
A second-order polynomial curve was fitted through a plot of the measured
pressure drop (in kPa) across the combustion chamber against the correspond-
ing volume flow rate at the inlet of the combustion chamber (see Figure 4.10),
with the following function obtained for the curve-fit
∆Pcomb = 10038V̇
2 − 2188.2V̇ + 134.88 (4.39)
This function was used to model the pressure drop across the combustion
chamber. It accounts for the hot flow pressure losses, as well as the minor
pressure losses caused by components, such as the 90◦ bend, valve 2 and the
equal tee-piece, all fitted between the outlet of the gas-generator compressor
and the inlet of the combustion chamber.
In addition, standard ISO reference conditions of ambient pressure and
temperature (101.325 kPa and 15 ◦C) were implemented in the model. This
allowed a comparison of performance for the same test conditions.
The predicted equilibrium running point – after implementing the new
curve-fit correlation for the combustion chamber pressure drop, and consid-
ering standard ISO reference conditions of ambient pressure and temperature
– was plotted on the compressor characteristic, as shown in Figure 4.11. In
addition, the experimentally determined equilibrium running points for the
two performed test runs were plotted on the same figure. These equilibrium
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Figure 4.11: Experimental MGT system equilibrium running points
running points were further joined to form equilibrium running lines for either
test run.
The generated equilibrium running lines are closely matched, proving the
repeatability of the performed tests. The predicted equilibrium running point
lies on the 4309 non-dimensional compressor speed line, and closely matches
the third, and final equilibrium running point on either equilibrium running
line (see Table 4.3). These equilibrium running points correspond to the best
MGT system performance, and thus the predicted equilibrium running point
can be considered the optimum MGT system operating point. However, the
component matching was performed based on discrete points on each speed
line on the compressor characteristic. Therefore, the predicted equilibrium
running point is only the optimum of these discrete points, and not necessarily
the optimum overall.
The shift in the equilibrium running points in Figure 4.11, in comparison
to Figure 3.7 is because the equilibrium running points plotted on the former
accounted for the physical set up of the experimental MGT system, while those
plotted on the latter were obtained from component models and performance
characteristics found in literature.
The disparity between the predicted and the actual gas-generator com-
pressor total-to-total isentropic efficiency shown in Table 4.3 results from the
assumption of an adiabatic compression process during the modeling, which
wasn’t the case for the experiments. The lack of insulation around the gas-
Stellenbosch University https://scholar.sun.ac.za
CHAPTER 4. DESIGN AND EXPERIMENTAL WORK 88
Table 4.3: Comparison of MGT system equilibrium running point parameters
Parameter Value
Predicted Experimental
run 1 run 2





K/kPa] 0.0458 0.0437 0.0449





K] 4309 4302 4378
Table 4.4: Predicted vs experimental performance parameters
Parameter Value
Predicted Experimental
run 1 Deviation [%] run 2 Deviation [%]
N [rpm] 73144 73027 0.2 74309 2
ṁa [kg/s] 0.273 0.261 4 0.268 2
ṁf [kg/s] 0.0042 0.0043 2 0.0045 7
T03 [ ◦C ] 714 839 18 849 19
Ẇpt [kW] 13.6 6.5 52 7.9 42
SFC [kg/kWh] 0.0011 0.0024 118 0.0021 91
ηth [%] 7 3 57 4 43
generator compressor volute and the connecting ducts resulted in heat losses
to the surroundings, increasing the power absorbed by the gas-generator com-
pressor, and resulting in a lower isentropic efficiency. The lower isentropic
efficiency could also have been a result of the dissipated energy ending up in
the compressed air stream, as well as mechanical losses due to bearing friction
and windage.
The MGT system performance parameters corresponding to the matching
predicted and experimental equilibrium running points – with the performance
parameters corresponding to the latter corrected to standard ISO reference
conditions, wherever applicable – are summarised in Table 4.4. There is a
close match between the predicted and the realised rotational speed, and air
and fuel mass flow rates. In contrast, discrepancies are observed between the
predicted and the realised gas-generator TIT, useful work output, specific fuel
consumption and cycle thermal efficiency.
The discrepancy between the predicted and the actual gas-generator TIT is
attributed to the use of unshielded thermocouples, which resulted in radiation
and conduction error in the measured temperature of the combustion gases
leaving the combustion chamber, as discussed in Section 4.4. Measurement
error due to spatial variations experienced by the combustion gases at the
outlet of the combustion chamber, as well as calibration and stagnation error
are other possible sources for the discrepancy between the predicted and the
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Figure 4.12: An example of an uninsulated section susceptible to heat losses
actual gas-generator TIT.
About half of the predicted work output – and consequently half of the
predicted cycle thermal efficiency – was actually realised. The modeling as-
sumed an adiabatic expansion process in both the gas-generator turbine and
the power turbine, which wasn’t the case for the experiments. The lack of
insulation around the ‘hot’ sections of the MGT system (see Figure 4.12) re-
sulted in radiation, conduction and convection heat losses to the atmosphere.
Because of these heat losses, less thermal energy was available for conversion
into useful work output in the power turbine. Studies such as Visser et al.
(2011) and Visser et al. (2012) showed that heat losses contribute a significant
fraction of the total system losses – with up to 26.4 % observed, in the case
of the former – if proper thermal insulation is not implemented in small gas
turbine systems of low power. Other minor system losses include mechanical
losses due to bearing friction and windage.
The cycle thermal efficiency is directly proportional to the useful work
output (see Equation 3.60), and a reduced useful work output results in a
lower cycle thermal efficiency.
The realised specific fuel consumption was about twice that predicted, ow-
ing to only half of the predicted work output being realised. Specific fuel
consumption is inversely proportional to work output (see Equation 3.59), and
a reduced work output results in a higher specific fuel consumption.
For completeness, the effect of ambient temperature on the experimentally
determined gas-generator TIT was also analysed. Similar to the predicted
standard MGT system performance (see Figure 3.8), the experimentally de-
termined gas-generator TIT increased linearly with ambient temperature, as
shown in Figure 4.13. This plot covers the full equilibrium running lines, but
the linear trend should similarly hold for a single equilibrium running point.
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Figure 4.13: Effect of ambient temperature on the experimentally determined gas-
generator TIT
It has to be noted though that, the useful work output and cycle thermal
efficiency of the standard MGT system, predicted using the combustion cham-
ber pressure drop model developed by Hummel (2014) (Equation 3.1) is of a
similar order of magnitude to that predicted using the combustion chamber
pressure drop model developed for this study (Equation 4.39), yet the latter
additionally accounts for the hot flow and minor pressure losses, and thus
predicts a higher combustion chamber pressure drop. Using Hummel’s com-
bustion chamber pressure drop model, a pressure loss of 6 % was predicted,
corresponding to a nominal useful work output of 12.5 kW and cycle thermal
efficiency of 7 %. For the combustion chamber pressure drop model developed
in this study, a pressure loss of 11 % was predicted, corresponding to a similar
useful work output of 13.6 kW and cycle thermal efficiency of 7 %. This similar
performance corresponds to two different equilibrium running points for the
standard MGT system (see ‘MGT’ column in Table 3.1 vs ‘Predicted’ column
in Table 4.3).
The preceding point of note indicates that the theoretical model predicts
the most optimum MGT system equilibrium running point, depending on the
total system pressure losses, and the need to meet the gas-generator compres-
sor work requirement, while also ensuring a useful work output from the power
turbine. But, a very high combustion chamber pressure loss could significantly
limit the operating range of the MGT system under solar-hybrid operation,
given the solar receiver and the additional air flow path are expected to intro-
duce additional system pressure losses.
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Table 4.5: MGT system performance parameters (run 1)




T01 ṁa ṁf ∆Pcomb T03 Ẇpt SFC ηth




K] [kg/s] [kg/s] [% of P02] [ ◦C ] [kW] [kg/kWh] [%]
53 100.2 17 1.7 0.0346 76 3623 0.204 0.0034 10 822 2.9 0.0043 2
55 100.2 18 1.9 0.0398 74 4002 0.234 0.0039 10 840 4.3 0.0032 3
57 100.2 20 2.1 0.0437 73 4302 0.256 0.0043 12 857 6.4 0.0024 3
Table 4.6: MGT system performance parameters (run 2)




T01 ṁa ṁf ∆Pcomb T03 Ẇpt SFC ηth




K] [kg/s] [kg/s] [% of P02] [ ◦C ] [kW] [kg/kWh] [%]
54 100.1 19 1.8 0.0365 73 3785 0.214 0.0036 10 843 3.8 0.0034 2
56 100.1 21 2.0 0.0409 72 4085 0.239 0.0040 11 854 5.4 0.0027 3
57 100.1 22 2.2 0.0449 72 4378 0.262 0.0045 11 873 7.7 0.0021 4
A case in point, a surge margin of 37 % was calculated for the equilibrium
running point predicted using the combustion chamber pressure drop model
developed for this study. This corresponds to a reduction in surge margin of
13 % to that calculated for the equilibrium running point predicted using the
combustion chamber pressure drop model developed by Hummel. Although
this surge margin is still within typical surge margin limits expected for power
and propulsion applications, a further reduction in surge margin is expected
for the MGT system under solar-hybrid operation, as was predicted in the
theoretical modeling work. The reduction in surge margin will further limit
the operating range of the MGT system under solar-hybrid operation.
4.5.2 Experimental performance
The non-corrected performance parameters corresponding to the experimen-
tally determined equilibrium running points are presented in Tables 4.5 and
4.6. The averaged test data obtained from the two performed test runs, for
varying degrees of opening of the fuel flow control valve, is presented in Ta-
bles C.5 and C.6.
An increase in the fuel mass flow rate resulted in an increase in the useful
work output, which in turn corresponded to an increase in both the power
turbine rotational speed (see Figure 4.14) and the cycle thermal efficiency, and
a subsequent decrease in the specific fuel consumption of the MGT system (see
Figure 4.15). However, this improved performance was realised at generally
very low cycle thermal efficiencies and high combustion chamber pressure drop.
Insulating the ‘hot’ sections of the experimental MGT system test bench
should reduce the heat losses to the atmosphere, which should increase both
the useful work output and the cycle thermal efficiency to levels closer to those
predicted. The addition of recuperation should lead to a further increase in
the cycle thermal efficiency, as was predicted in the theoretical modeling work.
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Figure 4.14: Work output vs power turbine rotational speed
Figure 4.15: SFC vs work output
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4.6 Adapting the experimental MGT system to
solar-hybrid operation
The few demonstrated solar-hybrid gas turbine system projects showed that
several operational and control challenges still exist and significant develop-
ment effort is still required to provide technically proven units. Some of the
challenges encountered in adapting gas turbines to solar operation included in-
tegrating the solar receiver and the externally heated air into the gas turbine
systems and implementing a control system to switch gas turbine operation
modes. Other issues experienced included unsuccessful emergency shutdowns
and unsatisfactory combustion during micro gas turbine start-up.
4.6.1 System configuration
The experimental MGT system is based on off-the-shelf turbocharger tech-
nology. The use of turbocharger technology allowed for easy coupling of the
individual MGT system components, such as the gas generator, the combus-
tion chamber and the power turbine. If required, some of the components
can specially be designed for solar-hybrid operation. Integrating a solar re-
ceiver and an additional flow path for the externally heated air should also be
achievable with minimal complications.
The twin-shaft configuration of the MGT system allows for flexibility in op-
eration, which is advantageous, given the variable nature of the solar resource.
The twin-shaft arrangement has the added advantage of ease of starting, as
only the gas-generator needs to be turned over. Due to the large swallowing
capacity, the use of a much bigger power turbine also places minimal flow
restriction on the much smaller gas-generator turbine fitted upstream of it,
even with the addition of load. The insensitivity to load variation should be
advantageous during critical transient situations, such as load shedding and
emergency shutdowns, for the MGT system under solar-hybrid operation.
The current air flow path, from the gas-generator compressor to the com-
bustion chamber and then to the gas-generator turbine should be maintained
for standard operation, but with the compressed air additionally passing thro-
ugh a suitably sized recuperator, in order to recover the energy contained in
the exhaust gases leaving the power turbine. For solar-hybrid operation, an
extra air flow path is required; that is, from the gas-generator compressor to
the solar receiver – via a recuperator – and then to the combustion cham-
ber. For solar-only operation, an additional route by-passing the combustion
chamber, and leading straight to the gas-generator turbine would be required.
For this study, the development of the experimental MGT system involved
no modifications to the turbocharger units. However, for solar-hybrid dis-
tributed electricity generation applications, the low-pressure compressor has
to be replaced with an electric generator, and possibly a reduction gearbox.
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Suitable highly efficient high-speed electric generators are lately readily acces-
sible, at relatively affordable prices.
Most importantly, thermal insulation has to be added to the sections of
the MGT system that are susceptible to heat losses, in order to increase both
the work output and the cycle thermal efficiency. In addition, the design of
the combustion chamber has to be optimised for minimum pressure loss, in
order to counter the reduction in surge margin. Adding recuperation should
further increase the cycle thermal efficiency, as was predicted in the theoretical
modeling work.
4.6.2 System operation and control
To successfully operate and control the MGT system under solar-hybrid opera-
tion, firstly, an optimum equilibrium running point for the MGT system needs
to be determined. The levels of solar share at which solar-hybrid operation is
not possible or suitable, to dictate when to switch from solar to non-solar gas
turbine operation mode also have to be specified.
The developed mathematical model can be used to determine an optimum
equilibrium running point for the MGT system, for any given solar resource and
ambient conditions. The developed mathematical model can further be used
to predict the solar share limits beyond which, either solar-hybrid operation
is not possible, or the performance of the MGT system drops below standard
operation levels. A suitable control system that can maintain solar-hybrid
operation within these solar share limits, or completely switch to standard
operation otherwise would then need to be designed.
This study developed a suitable start-up procedure for the MGT system,
which employed several flow control valves to regulate the air and fuel mass
flow until the MGT system could run self-sustainably. The same start-up
procedure can be adopted for solar-hybrid operation, with the compressed air
supplied by a suitably sized air compressor unit or electric fan.
Furthermore, suitable shutdown procedures were developed for the MGT
system, for both normal and emergency situations. With modifications, these
shutdown procedures can be adopted for solar-hybrid operation.
The developed data acquisition system GUI can be modified, to include
control loops for the several flow control valves. The developed GUI can fur-
ther be modified to automatically implement the MGT system start-up and
shutdown procedures, and also switch MGT system operation modes.
A schematic layout for the adapted experimental solar-hybrid MGT system
is shown in Figure 4.16. The main difference between this layout, and that
for the current experimental MGT system (Figure 4.2) is the replacement of
the low-pressure compressor with an electric generator, and the addition of a
recuperator and two more flow control valves (only the labels for the valves
serving the same purpose on either layout are indicated in Figure 4.16). The
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Figure 4.16: Schematic layout for the adapted experimental solar-hybrid MGT
system





Through both a theoretical and an experimental approach, this study aimed to
develop a MGT system for central receiver CSP distributed electricity genera-
tion applications in Southern Africa. The theoretical modeling work involved
modeling the performance of a MGT system under solar-hybrid operation, in
order to predict the possible operating range, and develop suitable operational
and control strategies for the MGT system. The design and experimental work
involved designing, building, testing and characterising the performance of an
experimental MGT system, and then using the obtained test data to validate
the predicted performance, as well as assess the technical feasibility of adapting
such a system to solar-hybrid operation.
5.1 Theoretical modeling findings
5.1.1 Component matching
From the component matching, the equilibrium running point of the MGT
system shifted on the compressor characteristic, to a region of higher compres-
sor pressure ratio and non-dimensional speed and mass flow rate. The shift
of the equilibrium running point was to counter the system pressure losses
introduced by the addition of solar thermal energy into the MGT system, and
ensure the compressor work requirement was met by the coupled gas-generator
turbine, while also maintaining a useful work output from the power turbine.
However, the shift of the equilibrium running point resulted in a reduction in
the surge margin, but still within the typical surge margin expected for power
and propulsion applications.
5.1.2 Solar-hybrid operating range
The models showed that solar-hybrid operation was only possible for solar
share of at least 20 %, for any solar day. For solar share beyond 81 %, for
the summer day, and 86 %, for the winter day, the work output of the MGT
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system under solar-hybrid operation drops below standard operation levels.
Similarly, for solar share beyond 69 %, for the winter day, and 74 %, for the
summer day, the MGT system operates at a cycle thermal efficiency below
standard operation levels, further limiting the solar share operating range.
Therefore, a suitable control system that can maintain solar-hybrid operation
within these solar share limits, and completely switch to standard operation
otherwise would need to be designed.
In contrast to standard operation, a higher nominal work output of 20 kW,
at a lower specific fuel consumption of 0.0004 kg/kWh and a higher cycle
thermal efficiency of 8 % was predicted for the MGT system under solar-
hybrid operation, the latter potentially increasing to 20 % with the addition
of recuperation. Better solar-hybrid performance is expected with the use of
more efficient/better performing individual MGT system components.
5.1.3 Solar-hybrid transient performance
The simplified approach adopted for the transient modeling showed that a
sudden change in solar irradiation was corrected by altering the fuel flow, when
the proposed control strategy of operating the MGT system at the determined
solar-hybrid equilibrium running point was implemented. In addition, the gas-
generator rotational speed remained below the maximum industry accepted
rotor over speed. Therefore, solar-hybrid equilibrium running could potentially
eliminate the risk of running into compressor surge, albeit with a reduced surge
margin.
5.2 Design and experimental findings
5.2.1 Model validation
The predicted MGT system equilibrium running point closely matched the
experimentally determined equilibrium running points that corresponded to
the best MGT system performance. In addition, similar standard MGT system
performance was predicted for varying levels of system pressure losses – the
latter obtained using different combustion chamber pressure drop models –
and different equilibrium running points. Similar to the findings from the
modeling work, the MGT system equilibrium point shifted on the compressor
characteristic, in order to counter the high combustion chamber pressure losses,
and ensure the work requirement for the gas-generator compressor was met,
while also maintaining a useful work output from the power turbine. The shift
of the MGT system equilibrium point similarly resulted in a reduction in the
surge margin.
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5.2.2 Feasibility of adapting the MGT System to
solar-hybrid operation
The MGT system is based on off-the-shelf turbocharger technology, which
should allow for easy coupling of the individual MGT system components, some
of which could be specially designed for solar-hybrid operation. Therefore, the
integration of the solar receiver and the externally heated air into the gas
turbine systems should be achievable with minimal complications.
The twin-shaft configuration of the MGT system allows for flexibility in
operation, with the added advantage of ease of starting. The large swallowing
capacity of the much bigger power turbine should ensure that the MGT system
is insensitive to load variation, which should be advantageous during critical
transient situations, such as load shedding and emergency shutdowns.
The developed start-up and shutdown procedures for the MGT system can
be adopted for solar-hybrid operation. The developed data acquisition system
GUI can be modified, to implement the MGT system start-up and shutdown
procedures, and switch MGT system operation modes.
5.3 On-site implementation
The developed experimental MGT system is still some way short of being
ready for solar-hybrid operation. Nevertheless, through both the modeling
and experimental work, this study has made significant steps towards achieving
this.
The advantages of using off-the-shelf turbocharger components, in a twin-
shaft configuration were highlighted. The addition of thermal insulation should
address the heat losses, and the subsequent low work output and cycle thermal
efficiency, while the use of a combustion chamber redesigned for minimum
pressure loss should correct the drop in surge margin, and subsequently widen
the possible operating range of the MGT system under solar-hybrid operation.
Adding a suitably sized recuperator to the MGT system should further increase
the cycle thermal efficiency.
Most importantly, a suitable control system will have to be developed, to
perform the operation and control of the MGT system. The development pro-
cess can build upon the experience gained from developing the data acquisition
system GUI.
5.4 Recommendations
Future modeling work should involve performing a thorough analysis of the
transient behaviour of the MGT system under solar-hybrid operation. The
transient analysis should investigate the dynamic effects of additional ther-
mal inertia and pressurised air volume in the MGT system components dur-
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ing critical transient situations, such as abrupt load shedding and emergency
shutdowns. The transient analysis should culminate into the development of
a suitable control system for the MGT system under solar-hybrid operation.
Further modeling work should investigate the potential for improving the
performance of the MGT system, through using more efficient/better perform-
ing individual MGT system components. The combustion chamber should be
modeled based on an optimised design, while the gas generator and power
turbine should be modeled based on more efficient off-the-shelf turbocharger
units.
Future experimental work should entail adding a solar receiver and a flow
path for the pressurised air flowing to/from the solar receiver, in addition to
a suitably sized recuperator. The receiver can be simulated using an electric
heating duct. The geometry of the recuperator and the heating duct, and the
size and length of the piping used for the additional air flow path will be useful
inputs to the transient analysis.
The experimental MGT system test bench should also be improved. In
addition to redesigning the combustion chamber, and adding thermal insula-
tion to all sections of the test bench that are susceptible to heat losses, further
improvements should include: replacing the low-pressure compressor with a
suitable high-speed electric generator and replacing the low-temperature flow
control valves and rubber tubing and hoses with suitable high-temperature
substitutes. The addition of an electric generator should allow for proper
loading of the MGT system, which should in turn allow a proper investigation
of the sensitivity of the MGT system to load variation.
Finally, more appropriate/accurate instrumentation and measurement tech-
niques should be adopted for parameters such as the gas-generator TIT and
the fuel mass flow rate, in order to reduce their associated measurement un-







A.1 Calibration of the pressure transducers
The low-pressure (≤10 kPa) pressure transducers were statically calibrated
against a Betz 5000 Micromanometer [serial number 12453]. Each of the pres-
sure transducers was calibrated for its expected pressure measurement range.
The calibration procedure involved setting a gauge pressure on the Betz
5000 Micromanometer, and then recording the corresponding analog voltage
signal generated by the pressure transducer. The set gauge pressure was then
plotted against the corresponding generated analog voltage signal, and linear
correlations were generated from the plotted data, as shown in Table A.1.
The data logger was then configured to convert the input analog voltage sig-
nal from the pressure transducers to a pressure reading, using the generated
correlations.
The high-pressure pressure transducers were statically calibrated against
a Fluke 700G31 pressure gauge [serial number 3142086]. The calibration pro-
cedure was similar to that followed for the low-pressure pressure transducers.
The linear correlations obtained from the plotted calibration data are similarly
given in Table A.1.
Table A.1: Correlations obtained from the calibration of the pressure transducers
Station Transducer Equation R2
diff E+H K9007321121 1.248V − 2.484 [kPa] 1.0000Venturi tube
diff E+H KC00A021121 74.589V − 74.289 [kPa] 0.9999
diff E+H K9006B21121 12.473V − 25.421 [kPa] 0.9998Orifice 2
abs HBM 173710065 75.139V + 18.091 [kPa] 1.0000
Bellmouth diff E+H FB00072109D 374.87V − 753.06 [Pa] 1.0000
2 abs HBM 173710078 43.926V − 3.833 [kPa] 1.0000
3 abs HBM 143210119 65.004V − 20.055 [kPa] 1.0000
Ambient abs HBM 141410077 18.351V − 2.701 [kPa] 1.0000
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Table A.2: Correlations obtained from the calibration of the thermocouples
Station Equation R2
T6,corr = 1.0170Tmeas + 0.2262 [ ◦C ] 1.0000
T7,corr = 1.0211Tmeas + 0.1096 [ ◦C ] 1.00008 T-type
T8,corr = 1.0066Tmeas + 0.2982 [ ◦C ] 1.0000
T9,corr = 1.0136Tmeas + 0.0637 [ ◦C ] 1.0000
T10,corr = 1.0131Tmeas + 0.0081 [ ◦C ] 1.0000
T11,corr = 1.0147Tmeas − 0.0274 [ ◦C ] 1.00002 T-type
T5,corr = 1.0124Tmeas + 0.3297 [ ◦C ] 1.0000
T13,corr = 1.0132Tmeas + 0.0736 [ ◦C ] 1.0000
T14,corr = 1.0130Tmeas − 2.8064 [ ◦C ] 1.0000
T15,corr = 1.0081Tmeas − 2.1460 [ ◦C ] 1.00003 K-type
T16,corr = 1.0058Tmeas − 3.1310 [ ◦C ] 1.0000
T17,corr = 1.0078Tmeas − 3.0346 [ ◦C ] 1.0000
T18,corr = 1.0068Tmeas + 0.0693 [ ◦C ] 1.0000
T19,corr = 1.0048Tmeas + 0.0880 [ ◦C ] 1.0000Bellmouth J-type
T20,corr = 1.0054Tmeas + 0.1427 [ ◦C ] 1.0000
T21,corr = 1.0053Tmeas + 0.1430 [ ◦C ] 1.0000
Fuel supply T-type Tfuel,corr = 1.0225Tmeas − 0.8934 [ ◦C ] 1.0000
A.2 Calibration of the thermocouples
The low-temperature thermocouples (T-type and J-type) were calibrated agai-
nst an Isotech platinum resistance thermometer [model number 935-14-72, se-
rial number 191069 and calibrated on 7/01/2019], using a Fluke 9142 Field
Metrology Well thermocouple calibrator [serial number B29291]. For the ex-
pected temperature measurement range, a temperature was set on the ther-
mocouple calibrator, and the corresponding reference temperature measured
by the thermometer Tref and that measured by the thermocouple Tmeas was
recorded. The temperatures measured by the thermocouples were then plot-
ted against the corresponding reference temperatures, and linear correlations
were obtained from the plotted data, as shown in Table A.2. The data log-
ger was then configured to correct the temperature measured by each of the
thermocouples using the corresponding linear correlation.
The high-temperature K-type thermocouples were calibrated using a Fluke
9150 portable furnace [serial number 853479]. The calibration procedure was
similar to that followed for the low-temperature thermocouples, with the only
difference being that there was no reference thermometer to calibrate the ther-
mocouples against. Rather, a reference temperature was set on the thermocou-
ple calibrator, and the corresponding temperatures measured by the thermo-
couples were recorded. The set reference temperature was then plotted against
that measured by the thermocouples, and linear correlations were generated
from the plotted data (see Table A.2). The data logger was then configured
to correct the temperature measured by each of the thermocouples using the
Stellenbosch University https://scholar.sun.ac.za
APPENDIX A. INSTRUMENTATION CALIBRATION 103
corresponding linear correlation.
A.3 Calibration of the fuel flow meter
The Venturi tube fuel flow meter was calibrated against 2 Festo SFE1-LF series
air flow sensors [Serial numbers 537875 W972 and 537877 W472] connected
parallel to each other, but with both in line with, and upstream of the Venturi
tube. The use of two flow sensors allowed the calibration to cover the full fuel
mass flow rate measurement range. The flow sensors were factory calibrated at
standard conditions (0 ◦C and 1.01325 bar absolute), and each has a volumetric
flow rate measuring range of 10 to 200 l/min. The air mass flow rate through
either sensor is calculated from the product of the measured volumetric flow
rate and the air density corresponding to the standard conditions (Festo, 2007).
The Venturi tube was calibrated for the expected fuel mass flow rate mea-
surement range, using compressed air. The calibration set up consisted of the
whole fuel supply system shown in Figure 4.7, but with the gas cylinder re-
placed by a pressurised air line. The air pressure was regulated using a Festo
LFR-D-Mini pressure regulator, with an operating range of 0 to 16 bar.
The calibration procedure involved setting the supply pressure, and then
gradually opening the flow control valve, and varying the flow through the
Venturi tube. For each degree of opening of the flow control valve, the total
air mass flow rate measured by the flow sensors, the static pressure measured at
the up stream tap, the differential pressure across the Venturi tube throat, and
the static temperature measured upstream of the venturi tube were recorded.
Two calibration test runs were performed, and the obtained test data was
averaged, and its standard deviation determined. The averaged test data was
then used to calculate the coefficient of discharge and the throat Reynolds
number.
To ensure that the determined coefficient of discharge satisfied mechanical
flow similarity, when the designed flow meter was used with propane, the
calculated coefficient of discharge C was plotted against the throat diameter
Reynolds number Red (see Figure A.1). As expected, a logarithmic trend was
observed, with the coefficient of discharge in the order of 1.0 (Fluid Meters,
1959; ASME PTC 19.5, 2004).
However, wide discrepancies were observed for the calculated coefficient of
discharge, at higher Reynolds number. This was attributed to the reduced
accuracy of the Festo flow meters, when operating at higher air mass flow
rates, and subsequently higher Reynolds number. Therefore, a coefficient of
discharge of unity was adopted for the calculation of the fuel mass flow rate.
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Data Acquisition System GUI
B.1 Block diagram
Figure B.1 shows a snippet of the built block diagram. The block diagram
consists of DAQ Assistant VIs, which either acquire analog signal from the
measurement sensors, and convert this signal to measurement readings, or
generate analog signal to control the valve actuators. Code was written in the
block diagram, to convert the acquired signal to measurement readings and also
perform calculations of the different MGT system performance parameters.
B.2 Front panel
The front panel is the user interface, and it consists of controls and indicators.
The MGT system was operated, and the taken measurements and calculated
parameters were displayed in real-time using several front panel containers.
The flow valves were controlled using the front panel container shown in
Figure B.2a. The temperature measurements were displayed using the front
panel container shown in Figure B.2b, while the rotational speed measurements
were displayed using the front panel container shown in Figure B.2c, and the
pressure measurements were displayed using the front panel container shown
in Figure B.2d. Finally, the calculated air and fuel mass flow rates, and the
corresponding independent parameters, were displayed using the front panel
container shown in Figure B.2e.
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(a) Control of flow valves
(b) Temperature measurements
Figure B.2: Front panel containers
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(c) Rotational speed gauges
(d) Pressure measurements
Figure B.2: Front panel containers (cont’d)
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(e) Calculated mass flow rates
Figure B.2: Front panel containers (cont’d)
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Appendix C
Data and Sample Calculation
C.1 Modeling data
Tables C.1 and C.2 show the predicted steady-state performance parameters
for the MGT system under solar-hybrid operation, while Tables C.3 and C.4
show the predicted steady-state performance parameters for the MGT system
under standard operation, for a winter day (04 August, 2016), and a summer
day (04 January, 2017), respectively.
Table C.1: Performance parameters for the MGT system under solar-hybrid oper-
ation (winter day)
Time ṁa ṁf T06 ∆Prec ∆Pcomb T03 Solar Ẇpt SFC ηth ηth,R
[hours: [kg/s] [kg/s] [ ◦C ] [% of P02] [% of P02] [ ◦C ] share [kW] [kg/kWh] [%] [%]
minutes] [%]
09:00 0.477 0.005 289 2 7 727 21 36.3 0.0005 12 28
10:00 0.476 0.003 425 2 11 696 47 26.5 0.0005 9 22
11:00 0.474 0.003 471 2 12 686 56 23.0 0.0004 8 20
12:00 0.473 0.002 487 2 12 683 60 21.7 0.0004 8 19
13:00 0.473 0.003 481 2 12 685 58 22.2 0.0004 8 20
14:00 0.472 0.003 447 2 11 698 50 25.1 0.0004 9 22
15:00 0.471 0.004 363 2 9 724 33 31.8 0.0005 11 25
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Table C.2: Performance parameters for the MGT system under solar-hybrid oper-
ation (summer day)
Time ṁa ṁf T06 ∆Prec ∆Pcomb T03 Solar Ẇpt SFC ηth ηth,R
[hours: [kg/s] [kg/s] [ ◦C ] [% of P02] [% of P02] [ ◦C ] share [kW] [kg/kWh] [%] [%]
minutes] [%]
07:00 0.467 0.006 286 2 7 744 19 36.7 0.0005 12 28
08:00 0.464 0.003 446 2 11 707 49 25.1 0.0005 9 22
09:00 0.463 0.002 504 2 13 694 61 20.5 0.0004 8 19
10:00 0.460 0.002 523 2 13 696 64 19.2 0.0004 7 18
11:00 0.457 0.002 548 2 14 696 69 17.2 0.0004 7 16
12:00 0.456 0.002 558 2 14 696 71 16.4 0.0004 6 16
13:00 0.454 0.002 560 2 14 701 70 16.5 0.0004 6 16
14:00 0.453 0.002 549 2 14 711 67 18.0 0.0004 7 17
15:00 0.452 0.002 530 2 13 721 62 20.0 0.0004 8 18
16:00 0.453 0.003 484 2 12 735 52 24.0 0.0005 9 21
17:00 0.453 0.005 351 2 8 776 26 34.5 0.0005 11 27
Table C.3: Performance parameters for the MGT system under standard operation
(winter day)
Time Pamb Tamb ṁa ṁf ∆Pcomb T03 Ẇpt SFC ηth ηth,R
[hours: [kPa] [ ◦C ] [kg/s] [kg/s] [% of P02] [ ◦C ] [kW] [kg/kWh] [%] [%]
minutes]
00:00 101.3 11 0.415 0.0043 6 532 12.5 0.0012 7 17
01:00 101.3 11 0.415 0.0043 6 531 12.5 0.0012 7 17
02:00 101.2 12 0.414 0.0043 6 534 12.5 0.0012 7 17
03:00 101.2 11 0.414 0.0043 6 533 12.5 0.0012 7 17
04:00 101.2 10 0.414 0.0043 6 531 12.5 0.0012 7 17
05:00 101.2 9 0.415 0.0042 6 529 12.5 0.0012 7 17
06:00 101.2 9 0.415 0.0042 6 528 12.5 0.0012 7 17
07:00 101.2 10 0.415 0.0042 6 529 12.5 0.0012 7 17
08:00 101.2 10 0.415 0.0042 6 529 12.5 0.0012 7 17
09:00 101.2 11 0.414 0.0043 6 533 12.5 0.0012 7 17
10:00 101.3 13 0.413 0.0043 6 538 12.5 0.0012 7 17
11:00 101.2 15 0.411 0.0043 6 542 12.5 0.0012 7 17
12:00 101.2 16 0.411 0.0043 6 544 12.5 0.0012 7 17
13:00 101.1 16 0.410 0.0043 6 544 12.5 0.0012 7 17
14:00 101.0 16 0.409 0.0043 6 545 12.5 0.0012 7 17
15:00 100.9 17 0.409 0.0043 6 545 12.4 0.0012 7 17
16:00 100.9 17 0.409 0.0043 6 546 12.4 0.0012 7 17
17:00 100.8 17 0.408 0.0043 6 545 12.4 0.0012 7 17
18:00 100.8 16 0.409 0.0043 6 543 12.4 0.0012 7 17
19:00 100.8 14 0.410 0.0042 6 539 12.4 0.0012 7 17
20:00 100.8 12 0.411 0.0042 6 535 12.4 0.0012 7 17
21:00 100.8 11 0.412 0.0042 6 532 12.4 0.0012 7 17
22:00 100.8 10 0.413 0.0042 6 528 12.4 0.0012 7 17
23:00 100.9 8 0.415 0.0042 6 526 12.4 0.0012 7 17
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Table C.4: Performance parameters for the MGT system under standard operation
(summer day)
Time Pamb Tamb ṁa ṁf ∆Pcomb T03 Ẇpt SFC ηth ηth,R
[hours: [kPa] [ ◦C ] [kg/s] [kg/s] [% of P02] [ ◦C ] [kW] [kg/kWh] [%] [%]
minutes]
00:00 100.1 19 0.404 0.0042 6 551 12.3 0.0012 7 17
01:00 100.0 19 0.403 0.0042 6 551 12.3 0.0012 6 17
02:00 100.0 19 0.404 0.0042 6 549 12.3 0.0012 6 17
03:00 99.9 19 0.403 0.0042 6 551 12.2 0.0012 6 17
04:00 99.9 18 0.404 0.0042 6 548 12.2 0.0012 6 17
05:00 99.8 16 0.405 0.0042 6 544 12.2 0.0012 7 17
06:00 99.8 15 0.405 0.0042 6 541 12.2 0.0012 7 17
07:00 99.9 16 0.405 0.0042 6 544 12.2 0.0012 6 17
08:00 99.9 19 0.403 0.0042 6 551 12.3 0.0012 6 17
09:00 99.9 22 0.401 0.0042 6 556 12.3 0.0012 6 17
10:00 99.9 24 0.399 0.0043 6 563 12.3 0.0012 6 17
11:00 99.8 28 0.397 0.0043 6 570 12.3 0.0012 6 17
12:00 99.8 29 0.396 0.0043 6 573 12.3 0.0013 6 17
13:00 99.7 31 0.394 0.0043 6 578 12.3 0.0013 6 16
14:00 99.6 32 0.393 0.0043 6 581 12.3 0.0013 6 16
15:00 99.5 33 0.392 0.0043 6 582 12.2 0.0013 6 16
16:00 99.4 32 0.393 0.0043 6 578 12.2 0.0013 6 16
17:00 99.3 31 0.393 0.0043 6 578 12.2 0.0013 6 16
18:00 99.2 31 0.392 0.0042 6 577 12.2 0.0013 6 16
19:00 99.2 30 0.393 0.0042 6 575 12.2 0.0013 6 16
20:00 99.2 28 0.394 0.0042 6 571 12.2 0.0013 6 16
21:00 99.2 26 0.396 0.0042 6 566 12.1 0.0013 6 16
22:00 99.2 23 0.397 0.0042 6 560 12.1 0.0013 6 17
23:00 99.2 22 0.398 0.0042 6 556 12.1 0.0012 6 17
C.2 Test data
The averaged test data obtained from the two performed test runs is pre-
sented in Tables C.5 and C.6. As previously noted, the test runs were per-
formed in succession, and on the same day, to ensure similar test conditions.
The obtained test data was used to determine the MGT system performance
parameters.
Table C.5: Averaged test data (run 1)
Fuel valve Pamb Tamb ∆Pbm ṁa,comp1 P2 T2 Ncomp1 Tf Pf ∆Pvent ṁf P3 T3 T8 P8 ∆Porif2 Corif2 ma,comp2 Ncomp2
[%] [kPa] [ ◦C ] [Pa] [kg/s] [kPa] [ ◦C ] [rpm] [ ◦C ] [kPa] [kPa] [kg/s] [kPa] [ ◦C ] [ ◦C ] [kPa] [kPa] [kg/s] [rpm]
53 100.2 17 793 0.204 171.4 79 61 675 14 163.9 2.2 0.0034 154.6 818 24 105.1 8.2 0.6103 0.358 15 199
55 100.2 18 1050 0.234 191.6 97 68 299 15 155.6 2.9 0.0039 171.6 836 27 107.4 11.5 0.6099 0.424 17 852
57 100.2 20 1265 0.256 208.4 112 73 611 15 151.4 3.7 0.0043 184.4 853 32 109.4 14.6 0.6097 0.473 20 015
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Table C.6: Averaged test data (run 2)
Fuel valve Pamb Tamb ∆Pbm ṁa,comp1 P2 T2 Ncomp1 Tf Pf ∆Pvent ṁf P3 T3 T8 P8 ∆Porif2 Corif2 ma,comp2 Ncomp2
[%] [kPa] [ ◦C ] [Pa] [kg/s] [kPa] [ ◦C ] [rpm] [ ◦C ] [kPa] [kPa] [kg/s] [kPa] [ ◦C ] [ ◦C ] [kPa] [kPa] [kg/s] [rpm]
54 100.1 19 884 0.214 179.8 91 64 692 15 162.7 2.4 0.0036 161.6 843 28 106.0 9.8 0.6101 0.390 16 465
56 100.1 21 1109 0.239 195.7 106 70 018 15 155.8 3.1 0.0040 175.1 854 32 107.9 12.7 0.6098 0.440 18 648
57 100.1 22 1331 0.262 213.4 119 75 177 16 156.7 4.0 0.0045 189.7 873 36 110.0 15.8 0.6096 0.488 20 711
C.3 Uncertainty in the measured and
calculated parameters
The uncertainty analysis presented in Section 4.4 was implemented as de-
scribed below, with the applied equations adapted from the ASME PTC 19.1
Standard.
The combined uncertainty in a measured parameter X, or a calculated
parameter R, was determined as the root-sum-square of the bias and precision
uncertainty components of either the measured or the calculated parameter,












for the calculated parameter, where bX and bR are the bias uncertainty com-
ponents and pX and pR are the precision uncertainty components.
For the measured parameters, the bias uncertainty was calculated as the
root-sum-square of the individual bias uncertainties for all possible sources of









where bXk is the estimated bias uncertainty of the kth source of bias error and
K is the total number of bias error sources in the measured parameter.
To determine the precision uncertainty in each measured parameter, the








where Xj is the value of each individual measurement in the sample. The
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For the calculated parameters, the bias and precision uncertainty compo-
nents were expressed as either absolute or relative. If a calculated parameter
was determined from measured and averaged, and/or assigned values of in-
dependent parameters (Xi), that is R = f (X1, X2, ..., XI), where I is the
total number of independent parameters involved in R, then, the absolute bias









where θi and bXi are the sensitivity coefficient and bias uncertainty of the
ith independent parameter, respectively. The relative bias uncertainty in a



































where pXi is the precision uncertainty in each averaged independent parameter
Xi.
Finally, for a 95 % confidence interval, the total uncertainty in a measured
parameter was given by
UX = 2uX (C.11)
while that in a calculated parameter was given by
UR = 2uR (C.12)
As discussed in Section 4.4, uncertainty analysis was performed for MGT
system performance parameters that could be determined with some level of
accuracy, such as the measured gas-generator TIT and rotational speed, and
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Table C.7: Bias uncertainty in the calculated fuel mass flow rate
Parameter bias uncertainty




Discharge coefficient, C bCC = 0.70 1.00 0.70




151.4 = 0.098 % 1.00 0.098
Pipe diameter, D [mm] bDD =
0.1




1−(0.65)4 = 0.43 0.54
Throat diameter, d [mm] bdd =
0.1




1−(0.65)4 = 2.43 4.67
Differential pressure, ∆P [mbar] b∆P∆P =
0.39
37 = 1.05 % 0.50 0.53




















... ... 5.18 %
Table C.8: Precision uncertainty in the calculated fuel mass flow rate
Parameter precision uncertainty









Discharge coefficient, C ... ... ... ... ... 1.00 0.00
Expansion factor, ε ... ... ... ... ... 1.00 0.00




1−(0.65)4 = 0.43 0.00
Throat diameter, d [mm] 5.2 ... ... ... ... 21−β4 =
2
1−(0.65)4 = 2.43 0.00
Differential pressure, ∆P [kPa] 3.7 0.03 140 0.0025 0.068 % 0.50 0.034




... ... ... ... ... ... 0.052 %
Table C.9: Bias uncertainty in the calculated air mass flow rate
Parameter bias uncertainty




Discharge coefficient, C bCC = 1.00 1.00 1.00




100.2 = 0.050 % 1.00 0.050
Pipe diameter, D [mm] bDD =
0.1




1−(0.4)4 = 0.05 0.0024
Throat diameter, d [mm] bdd =
0.1




1−(0.4)4 = 2.05 0.27
Differential pressure, ∆P [Pa] b∆P∆P =
23.1
1265 = 1.83 % 0.50 0.92

















Total bias uncertainty, bṁaṁa ... ... 2.05 %
the calculated gas-generator air and fuel mass flow rates. The uncertainty
analysis only considered test data from the third test point of test run 1 (see
third row of Table C.5). The same analysis is applicable to all the other
obtained test points.
The propagation of uncertainty in the calculated gas-generator fuel mass
flow rate is presented in Tables C.7 and C.8, while that for the calculated
gas-generator air mass flow rate is presented in Tables C.9 and C.10.
The air and fuel mass flow rates through the MGT system were calculated
using the general equation for the mass flow rate through a differential pressure
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Table C.10: Precision uncertainty in the calculated air mass flow rate
Parameter precision uncertainty









Discharge coefficient, C ... ... ... ... ... 1.00 0.00
Expansion factor, ε ... ... ... ... ... 1.00 0.00




1−(0.4)4 = 0.05 0.00
Throat diameter, d [mm] 77.3 ... ... ... ... 21−β4 =
2
1−(0.4)4 = 2.05 0.00
Differential pressure, ∆P [Pa] 1265 11 140 0.93 0.074 % 0.50 0.037
Density, ρ = f (P, T ) [kg/m3] ... ... ... ... 0.21 % 0.50 0.11
Total precision uncertainty, pṁaṁa ... ... ... ... ... ... 0.12 %
class meter (Equation 4.17). The propagation of uncertainty in the calculated









































where uX is either bias or precision uncertainty in parameterX, and the square
root of the coefficient of each term in Equation C.13 is the sensitivity coefficient
θ of that term.
The total uncertainty in the calculated mass flow rates was determined
as the root-sum-square of the estimated total bias and precision uncertainty
components shown in Tables C.7 to C.10. For a 95 % confidence interval, a
total uncertainty of ± 10 % was estimated in the calculated fuel mass flow
rate, corresponding to a range of ṁf = 0.0043 ± 0.0004 kg/s. For the same
confidence level, a total uncertainty of ± 4 % was estimated in the calculated
air mass flow rate, corresponding to a range of ṁa = 0.256 ± 0.010 kg/s.
For both calculated mass flow rates, bias error contributed the largest un-
certainty. The uncertainty due to bias error can be reduced by using measure-
ment instrumentation with a higher performance rating. Care should also be
taken to properly calibrate this instrumentation.
The uncertainty in the measured gas-generator TIT is presented in Ta-
ble C.11. For a 95 % confidence interval, a total uncertainty of ± 2 % was
estimated in the measured gas-generator TIT. This uncertainty corresponded
to a gas-generator TIT measurement range of 853 ± 17 ◦C. This uncertainty
level is higher than the comparable maximum allowable gas turbine exhaust
temperature measurement uncertainty of 6 ◦C, recommended by the ASME
PTC 22 Standard. In addition, this estimated uncertainty doesn’t account for
the measurement error introduced by factors, such as radiation, conduction
and stagnation effects.
The uncertainty in the measured gas-generator rotational speed is pre-
sented in Table C.12. For a 95 % confidence interval, a total uncertainty
of ± 828 rpm (± 1 %) was estimated in the measured gas-generator rotational
speed. This uncertainty corresponded to a gas-generator rotational speed mea-
surement range of 73 611 ± 828 rpm. The estimated uncertainty level is 10
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Table C.11: Uncertainty in the measured gas-generator TIT
Total uncertainty













Gas-generator TIT, T3 [ ◦C ] 853 48 560 2.03 0.24 % 0.75 2 %
Table C.12: Uncertainty in the measured gas-generator rotational speed
Total uncertainty
Parameter Nominal value, Xi sXi Ni pXi =
SXi√
Ni
bXi UXi = 2 (uXi)
Gas-generator rotational speed, N [rpm] 73 611 1251 140 106 400 828 rpm
times higher than the maximum allowable rotational speed measurement un-
certainty of 0.1 % recommended by the ASME PTC 22 Standard. Bias error
contributes the largest uncertainty, and can be reduced by, firstly, increasing
the sensitivity of the speed sensors, and then taking care to properly calibrate
them against an accurate standard, if possible.
C.4 Sample calculation
This sample calculation illustrates the approach taken in calculating the MGT
system performance parameters presented in Tables 4.5 and 4.6. Only the
performance parameters corresponding to the experimentally determined op-
timum equilibrium running point (third row of Table 4.5) were considered.
The performance parameters were calculated using averaged test data for the
third test point of run 1 (third row of Table C.5).
Assumptions: Steady, one-dimensional flow. Stagnation conditions at both
compressor inlets. Negligible inlet and exhaust duct pressure losses. Both air
and propane behave as ideal gases. There is complete combustion of propane
in dry air, and the combustion products behave as ideal gases.
Fluid properties:
R = 0.287 kJ/kgK
H = 46.34 MJ/kg
Dimensions:
d2 = 49.0 mm
d3 = 77.3 mm
d8 = 98.6 mm
The MGT system equilibrium running point is characterised by parameters
such as the gas-generator compressor non-dimensional mass flow rate and ro-
tational speed and total-to-total pressure ratio and isentropic efficiency. The
gas-generator compressor non-dimensional mass flow rate was calculated from
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the air mass flow rate through the gas-generator compressor, and the mea-
sured ambient absolute pressure and mean static temperature at the inlet of











while the gas-generator compressor non-dimensional rotational speed was cal-
culated from the measured gas-generator compressor rotational speed and inlet







To calculate the gas-generator compressor total-to-total pressure ratio, the
stagnation pressure of the compressed air at the outlet of the gas-generator
compressor had to first be determined. The stagnation pressure was in turn
calculated from the stagnation temperature of the compressed air at the gas-
generator compressor outlet. This stagnation temperature was calculated from
the mean static temperature of the compressed air at the outlet of the gas-
generator compressor, and the corresponding mean ideal-gas specific heat at
constant pressure and velocity. Firstly, the velocity of the air stream was
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then, the corresponding mean ideal-gas specific heat at constant pressure of
the air stream was calculated using Equation 3.20
cp,a(T2) = −1.966× 10−9T 32 + 0.4802× 10−5T 22 + 0.1967× 10−2T2 + 28.11
= −1.966× 10−9 (112 + 273.15)3 + 0.4802× 10−5 (112 + 273.15)2
+ 0.1967× 10−2 (112 + 273.15) + 28.11
= 29.462 KJ/kmolK
= 1017 J/kgK
and, the stagnation temperature of the air stream at the outlet of the gas-
generator compressor was then calculated using Equation 4.28
T02 = T2 +
V 22
2cp,a(T2)




From the determined stagnation temperature, and the measured static tem-
perature and absolute pressure of the compressed air at the gas-generator













with γa calculated using Equation 3.44, for the known cp,a(T2) = 1017 J/kgK.
The gas-generator compressor total-to-total pressure ratio was then calculated
from the ratio of the determined stagnation pressure of the compressed air at
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The gas-generator compressor total-to-total isentropic efficiency was cal-
culated from the determined gas-generator compressor total-to-total pressure
ratio and the stagnation temperature of the air stream at the outlet of the

















For the MGT system performance parameters, the stagnation gas-generator
TIT was calculated from the mean static temperature of the combustion gases
at the outlet of the combustion chamber, and the corresponding mean ideal-gas
specific heat at constant pressure and velocity. The velocity of the combustion
gases was calculated using Equation 4.31
V3 =
4 (ṁa + ṁf )RT3
P3πd23
=







while the corresponding mean ideal-gas specific heat at constant pressure of
the combustion gases was calculated from the mean ideal-gas specific heat at
constant pressure of air at the same mean temperature, the fuel/air ratio and
the carbon and hydrogen theta functions for mean ideal-gas specific heat at
constant pressure. The mean ideal-gas specific heat at constant pressure of air
was calculated using Equation 3.20
cp,a(T3) = −1.966× 10−9T 33 + 0.4802× 10−5T 23 + 0.1967× 10−2T3 + 28.11
= −1.966× 10−9 (853 + 273.15)3 + 0.4802× 10−5 (853 + 273.15)2
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The carbon and hydrogen theta functions were calculated from the mean ideal-
gas specific heat at constant pressure of air, carbon dioxide, oxygen and water
vapor, which were in turn calculated using third-order polynomial approxima-
tions suggested by Cengel and Boles (2011). The mean ideal-gas mean specific
heat at constant pressure of carbon dioxide was calculated using
cp,CO2(T3) = 7.469× 10−9T 33 − 3.501× 10−5T 23 + 5.981× 10−2T3 + 22.26
= 7.469× 10−9 (853 + 273.15)3 − 3.501× 10−5 (853 + 273.15)2
+ 5.981× 10−2 (853 + 273.15) + 22.26
= 55.882 kJ/kmolK
= 1270 J/kgK
while the mean ideal-gas specific heat at constant pressure of oxygen was
calculated using
cp,O2(T3) = 1.312× 10−9T 33 − 0.7155× 10−5T 23 + 1.520× 10−2T3 + 25.48
= 1.312× 10−9 (853 + 273.15)3 − 0.7155× 10−5 (853 + 273.15)2
+ 1.520× 10−2 (853 + 273.15) + 25.48
= 35.397 kJ/kmolK
= 1106 J/kgK
and the mean ideal-gas specific heat at constant pressure of water vapor was
calculated using
cp,H2O(T3) = −3.595× 10−9T 33 + 1.055× 10−5T 23 + 0.1923× 10−2T3 + 32.24
= −3.595× 10−9 (853 + 273.15)3 + 1.055× 10−5 (853 + 273.15)2
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The carbon theta function for mean ideal-gas specific heat at constant pressure
was calculated using Equation 3.46
θC = 3.6645cp,CO2(T3) − 2.6645cp,O2(T3) − cp,a(T3)
= 3.6645× 1270− 2.6645× 1106− 1160
= 547 J/kgK
while the hydrogen theta function for mean ideal-gas specific heat at constant
pressure was calculated using Equation 3.47
θH = 8.9365cp,H2O(T3) − 7.9365cp,O2(T3) − cp,a(T3)
= 8.9365× 2368− 7.9365× 1106− 1160
= 11 224 J/kgK
and the mean ideal-gas specific heat at constant pressure of the combustion
gases was then calculated using Equation 3.45

















From the mean static temperature of the combustion gases at the outlet of
the combustion chamber and the corresponding mean ideal-gas specific heat
at constant pressure and velocity, the stagnation gas-generator TIT was cal-
culated, using Equation 4.30
T03 = T3 +
V 23
2cp,g(T3)
= (853 + 273.15) +
972
2× 1202
= 1130.06 K(857 ◦C)
The useful work output of the power turbine was determined indirectly; as
the power absorbed by the low-pressure compressor directly coupled to it. The
absorbed power was calculated from the air mass flow rate through the low-
pressure compressor, the stagnation temperature at both the inlet and outlet
of the low-pressure compressor and the overall mean ideal-gas specific heat
at constant pressure of the compressed air passing through the low-pressure
compressor. The stagnation temperature at the inlet of the low-pressure com-
pressor was assumed to be equal to the mean ambient temperature measured at
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the inlet of the gas-generator compressor. The stagnation temperature at the
outlet of the low-pressure compressor was calculated from the corresponding
mean static temperature, the mean ideal-gas specific heat at constant pres-













then, the mean ideal-gas specific heat at constant pressure of the compressed
air was calculated using Equation 3.20
cp,a(T8) = −1.966× 10−9T 38 + 0.4802× 10−5T 28 + 0.1967× 10−2T8 + 28.11
= −1.966× 10−9 (32 + 273.15)3 + 0.4802× 10−5 (32 + 273.15)2
+ 0.1967× 10−2 (32 + 273.15) + 28.11
= 29.102 kJ/kmolK
= 1005 J/kgK
and, the stagnation temperature of the compressed air at the outlet of the
low-pressure compressor was then calculated, using Equation 4.33
T08 = T8 +
V 28
2cp,a(T8)




The overall mean ideal-gas specific heat at constant pressure of the compressed
air passing through the low-pressure compressor was calculated using Equa-
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From the air mass flow rate through the low-pressure compressor, the stagna-
tion temperature at both the inlet and outlet of the low-pressure compressor
and the mean ideal-gas specific heat at constant pressure of the compressed
air passing through the low-pressure compressor, the power absorbed by the
low-pressure compressor was then calculated using Equation 4.32
Ẇpt = Ẇc = ṁacp,a(T08+T072 )
(T08 − T07)
= 0.473× 1004× (306.39− 293.15)
= 6288 W
= 6.3 kW
From the determined useful work output of the power turbine, the MGT








The cycle thermal efficiency was calculated from the determined power
turbine useful work output and the total cycle thermal energy input. The
total cycle thermal energy input was calculated from the effective calorific
value of propane at the determined stagnation gas-generator TIT, which was
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in turn calculated from the carbon and hydrogen theta functions for effective
calorific value. The carbon theta function for effective calorific value at the
determined stagnation gas-generator TIT was calculated using Equation 3.53
θC = 3.6645hCO2(T03) − 2.6645hO2(T03) − ha(T03)
= 3.6645× 1 134 511− 2.6645× 1 123 851− 1 196 000
= −33 085 J/kg
while the hydrogen theta function for effective calorific value at the determined
stagnation gas-generator TIT was calculated using Equation 3.54
θH = 8.9365hH2O(T03) − 7.9365hO2(T03) − ha(T03)
= 8.9365× 2 295 535− 7.9365× 1 123 851− 1 196 000
= 10 398 605 J/kg
with the enthalpy values for air, carbon dioxide, oxygen and water vapor inter-
polated from ideal-gas property tables provided by Cengel and Boles (2011).
The effective calorific value of propane at the determined stagnation gas-
generator TIT was calculated using Equation 3.51











× 10 398 605
= 43 567 680 J/kg
The total cycle thermal energy input for the MGT under standard operation
was calculated from the determined effective calorific value of propane at the
determined stagnation gas-generator TIT and the measured fuel mass flow
rate, using Equation 3.55
Q̇th = ṁfE.C.V T
= 0.0043× 43 567 680
= 187 341 W
= 187.3 kW
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The results obtained from the sample calculation closely match those calcu-
lated and tabulated in the third row of Table 4.5. The minor discrepancies
observed are due to round-off error.
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